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Abstract
The ever-growing pressure of reducing the adverse impact of transportation systems on
environment has pushed industries towards fuel-efficient and sustainable solutions. While several
approaches have been used to improve fuel efficiency, the light-weighting of structural components
has proven broadly effective. In this regard, reinforced thermoplastic composites (RTPC), owing to
their high recyclability, higher impact strength and fast cycle times, have become competitive candidates at an industrial scale. However, to implement RTPC toward large scale structural applications
several challenges pertaining to material design and manufacturing effects need to be addressed. To
this end, a computational study is carried out to address three key challenges that limit the design
and development of RTPC structures: (a) enhancing filler/matrix bonding strength at the microscale
level, (b) understanding the effect of interfacial microstructure on the macroscale material behavior
and (c) understanding the effect of manufacturing process on the mechanical performance at the
structural level.
First, the interface bonding strength between the non-polar/non-reactive polymer matrix
and filler surface is generally poor and hence, may fail locally at these interfaces upon external
loading. Many interfacial strengthening studies in the past lack precision and control in obtaining
higher interfacial strength. The concept of controlled mechanical interlocking between fiber and
matrix interface is explored computationally on an E-glass/polypropylene (PP) composite material
system. To understand the micromechanics under dynamic and impact loads, the interfacial behavior at various strain rates is studied. A finite element parametric model is setup where different
surface morphologies of E-glass/PP are investigated. The strength calculations consider both material failure and detachment of the matrix material from the anchoring sites. Second, to incorporate
ii

the effect of interfacial microstructure into macroscale material behavior, a continuum constitutive
model is developed. The bulk material response at macroscale is evaluated by using a unit cell
homogenization method. The mechanical behavior of the composite material at macroscale is modeled using a rheological three network viscoplastic (TNV) model. Numerical biaxial and shear tests
are conducted for several geometric configurations of the fiber/matrix interface. The numerical data
generated is used further to develop the TNV material model. The developed material model is validated for a laminated beam structure. The study elucidates the impact of various interface design
variables on the material model parameters by establishing analytical relationships.
Third, to investigate the effect of manufacturing process on the mechanical performance a
manufacturing to response (MTR) pathway is established. This pathway was developed collaboratively and consists of both computational methods to simulate and integrate all relevant manufacturing process steps as well as experimental methods to validate each step from coupon to structural
level. The composite material system selected for this study is AS4/Nylon-6 (PA6) with woven
layup. The thermoforming process simulations are carried out using anistropic hyperelastic material model and the thickness variation, fiber orientations and residual stresses are captured from
the analysis. Residual stresses developed in the formed structure during quench cooling from the
elevated temperature are predicted by implementation of classical laminate theory (CLT). The static
and dynamic performance for the thermoformed structure is evaluated and the effects of thermoforming process are compared numerically, for the cases with and without inclusion of process
effects.
Lastly, the MTR pathway is implemented to perform a design optimization study of an
ultra-lightweight fiber RTPC door of a vehicle. The objective of the optimization was to reduce
the weight of an existing door of an OEM’s mid-size SUV by 42.5% while also satisfying various
static and dynamic structural load requirements. Several static and dynamic studies are carried out
at structural length scale. The door stiffness optimization is first carried out for various linear static
load cases. This is followed by evaluation of crashworthiness performance under three non-linear
load cases: (a) quasi-static pole test (FMVSS 214S) (b) full pole test (FMVSS 214) and (c) moving
deformable barrier test (IIHS SI MDB).
iii
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Chapter 1

Introduction
1.1

Background and Motivation
The implementation of advanced materials in designing lightweight structures has gained

momentum in recent decades. The material systems such as aluminum, magnesium alloys and
carbon fiber composites have shown promising results for industry in providing efficient and sustainable solutions. Lightweight vehicle structures have shown promising results in improving the
fuel efficiency [1] and thereby reducing the environmental impact. Fiber reinforced thermoplastic
composites (FRTPC) have tremendous advantage over traditional thermosets based composites as
they can be easily recycled and formed, they can be produced at large volumes at a faster cycle time
and they posses high impact strength. As a result, they have potential to become an ideal candidate
for large scale ultra-lightweight structural applications [2, 3].

However, to implement FRTPC toward large scale structural applications several challenges
pertaining to material design and manufacturing need to be addressed. The traditional approach to
understand the mechanical behavior of composites involved an initial investigation of the structure
as a whole to identify critical regions. These regions are subjected to further analysis during which
failure behavior is predicted based on experiential and statistical approach. This strategy involves
several costly trials and limits fundamental understanding of mechanical behavior [4]. Multiscale
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modeling is a novel technique which requires analysis at each length scale which can be broadly
classified into three scales micromechanical (fiber/matrix scale), macro-mechanical (laminate scale)
and structural level (component). The properties evaluated at any relevant length scale are homogenized into a constitutive relation which is then passed to the simulations at the next length scale.
Thereby, determining the mechanical behavior of a larger entity. The design and development of
FRTPC structures using multiscale modeling strategy can be accelerated by using computational
engineering tools.

1.2

Concept of Controlled Microarchitectural Anchoring to Strengthen
Interfaces
At microstructural level, FRTPC are limited due to the poor interfacial bonding between

fiber and thermoplastic matrix. The thermoplastic polymer matrix forms weak van der Waals bonds
with the fiber surface resulting in poor interfacial strength. For example, the bond strength is generally less than 1 MPa for thermoplastic polymer matrix composites containing ceramic fillers with
no surface treatment [5]. The mechanical behavior of composites is fundamentally based on the
stability of the interfacial region between the matrix and fiber surfaces which has hindered implementation of fiber reinforced thermoplastic composites at industrial scale.

The incorporation of nanoparticles to improve the physical and mechanical properties has
been explored by several researchers for both metal composites [6, 7] and polymer composites [8–
10]. These studies have shown significant improvement in the mechanical properties of various
composites. However, the majority of processing techniques implemented to realize these nanoparticles on the composite interfaces have resulted in an uncontrolled distribution of the nanoparticles.
In order to develop tailored composites, precisely controlled distribution of nanoparticles is required. Consequently, a novel concept to enhance interfacial strength of thermoplastic composites
with non-metallic reinforcements is proposed. The surface of the reinforcement phase can be mod-
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Figure 1.1: AFM images of the carbonized polymer films with different porosity and shear lap test
[11].
ified with various microarchitectural features. For instance, beads, voids, cavities, etc. could be
realized experimentally for different reinforcement materials. Examples include thin carbon films
with controlled pores on the surface [11, 12] and single or multilayered assemblies of nanoparticles
on glass surfaces [13, 14]. The techniques used to create the micro-structures on the carbon and
glass films are applicable to fiber surfaces as well. The precise surface topology modification creates a microarchitectured arrangement of sites to transfer load at levels much higher than with the
other approaches owing to interlocking mechanism. For instance, the porous carbon films shown
in Figure 1.1 are produced in a two step process where initially PAN based polymer blend films
are produced which are then converted into carbon films by employing themal treatments [11]. The
porous surface topography significantly improved the interfacial shear strength (see Figure 1.1).
The shear strength of porous carbon film coated graphite plates is 8.2 ± 2.5 MPa, which is about
67% higher than that of solid carbon film coated graphite plates (4.9 ± 1.0 MPa). Similarly, glass
beads can be realized on the glass surface. Figure 1.2(a) shows a SEM image of surface covered
with silica particles [12]. A model concept is shown in Figure 1.2(b) where beads or pores on a glass
surface (blue) are infiltrated with polymer (yellow) and therefore provides efficient interlocking.
Recently, [15] investigated the concept of controlled mechanical interlocking through accurately designed surface topology modification for a glass/thermoplastic composite. The research
investigated various geometric configurations for the fiber/matrix interface and their effects on in3

(a)

(b)

Figure 1.2: SEM image of surface covered with silica particles, b) side view (90º) of the surface
covered with the silica particles [12] and (c) Model System for validation: Glass beads and pores
on a glass surface (blue), infiltrated with polymer (yellow).
terfacial shear strength and failure behavior. Two failure modes were assessed which are polymer
fracture and detachment of the thermoplastic material from the anchoring sites. The key findings
from the research are listed below:
• The interfacial strength was found to be limited by the ultimate strength of the matrix material, as well as the interface microarchitecture and the volume fraction of the glass in the
composite.
• Comparison between the results for perfect bonding and nobonding at the glass/thermoplastic
interface showed that almost 50% of the theoretical strength can be achieved through pure
mechanical interlocking. Furthermore, this result is not strongly dependent on perfect infiltration, since the polymer material that fills the cusp region is not highly stressed.
• The parameteric study showed that an optimal configuration of the interface geometry exists
which gives maximum interface shear strength.
• Friction provides a significant increase in interfacial strength compared to the frictionless
case if the failure mode for frictionless case is detachment. However, if the failure mode is
fracture, then friction and/or adhesion provide very little benefit
• Precise microarchitecturing of fiber surface has the capability to achieve interfacial strengths
higher than the ones reported in the literature
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Figure 1.3: Illustration of homogenization method [18]

1.3

Development of a Continuum Constitutive Model Incorporating
Interfacial Microstructure Parameters
The homogenization theory is a well-established bridging method between the microlevel

and macrolevel structures [16, 17]. It has been efficiently implemented to predict the overall bulk
behavior of composites particularly in the elastic region. Figure 1.3 illustrates the homogenization method describing different length scales structural scale (L1 ), RVE scale (L2 ) and microconstituent scale (L3 ). At constituent level the material properties are denoted as C1 and C2 for
matrix and fiber/inclusions respectively. The homogenized material property is denoted by C∗ . The
constitutive relationship for the linear elastic region is:
σ = C∗ : 

(1.1)

where, σ and  are average stress and strain tensors. The standard homogenization techniques
are often limited to the elastic regime and extension to the non-linear region becomes more complex. Finite element RVE homogenization method has been successfully implemented by several
researchers in recent decades to capture various geometric and material non-linear behaviors. Moreover, it is also utilized to track the nucleation and growth of damage during the simulation.
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Figure 1.4: Schematic of n parallel network model [22]
To understand the macroscopic behavior of the RTPC structure, which are strengthened by
the concept of controlled mechanical interface interlocking [19], the RVE homogenization technique is implemented in chapter 3. A continuum level model is developed to predict the macroscopic non-linear behavior of the RTPC structure and the effects of interface design variables such
as volume fraction, rod penetration depth and rod density on the bulk material behavior are observed. To develop the material model, rheological network models are utilized which consists of
parallel branches. Each branch comprises of an elastic element and a Maxwell fluid element to
model viscoelasticity, plasticity, damage, and other phenomena. These models are frequently used
to describe elastomers and polymers [20, 21]. The viscous response is based on the assumption that
the reptation of macromolecules of polymer (polymer chains) is responsible for the time-dependent
behavior. A schematic diagram of n-parallel network rheological model is shown in Figure 1.4.

1.4

Development of a Manufacturing to Performance Pathway for continuous fiber RTPC
The development of continuous fiber RTPC structures or structural components can be ac-

celerated by using computational engineering approaches, design optimization [23, 24] or manufacturing optimization studies [25, 26]. There are several manufacturing process parameters such as
stamping pressure, temperature, degree of crystallinity that effect the mechanical performance of a
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Figure 1.5: framework of building block approach developed by NASA for their Advanced Composite Technology (ACT) and High-Speed ResearchProgram [31]
structure. Especially, for RTPC structures these variations may result in the development of residual
stresses, change in fiber orientation or thickness which can severely effect the performance of the
composite structure. In order to develop high performance, high quality RTPC structural components, an integrated design and manufacturing optimization approach is required. To this end, a few
attempts have been made to connect the design, manufacturing and structural simulation steps in series, by developing virtual process chains (CAE chains) and mapping methods [27–30]. A notable
contribution has been made by Jayasree et al. [31] employing extensive simulation and experimental methods to study a hybrid (forming + injection molding) molding process. Their model involves
FE analysis, experimentation and validation at each level i.e. coupon level, structural level and system level based on a “Building block approach” developed by NASA [32]. Figure 1.5 shows the
framework of building block approach developed by NASA for their Advanced Composite Technology (ACT) and High-Speed ResearchProgram which comprises of four levels. These are (Level
1) Coupon level material characterization; (Level 2) component validation experimentally and by
FEA; (Level 3) Design optimization study to incorporate the manufacturing process effects on the
component design; and (Level 4) integration of the full scale model.
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Thermoforming process of thermoplastic based continuous fiber RTPC’s offer major advantage in reducing cycle times for large scale productions, but it can also have a significant impact on
the structural performance of the parts by inducing undesirable effects. Specifically, for the thermoforming process of RTPCs, an integrated approach or pathway that considers all the relevant process
steps i.e. thermoforming, cooling and structural analysis is not yet developed. This can be done by
first establishing a relationship between manufacturing process and mechanical performance and
successively optimizing it to achieve the desired targets. The chapter 4 focuses on the former part,
where a manufacturing-to-response (MTR) pathway established (in collaboration) for a continuous
fiber reinforced thermoplastic composite hat structure is used to determine the mechanical performance. The pathway principally comprises of material characterization, finite element simulations
and experimental validation. The process induced effects such as thickness variation, fiber orientations and residual stresses are captured from the analysis and mapped onto a duplicate part meshed
suitably for mechanical performance analysis. A quasi-static 3-point bend test is carried out and the
results are compared with experimental tests. Experimental results from both thermoforming and
bending trials show good agreement with the simulation results for the hat structure under consideration. Further, the static and dynamic performance is evaluated for the thermoformed structure
and the effects of thermoforming process are compared numerically, for the cases with and without
inclusion of process effects.

1.5

Case study: design and optimization of a RTPC vehicle door
Transportation is a significant contributor to environmental pollution, specifically from the

emission of pollutants such as carbon dioxide, nitrous oxides and particulate pollutants. Consequently, research has been undertaken to develop alternative electrical vehicle technologies that
are more efficient. While several approaches have been used to improve efficiency, vehicle lightweighting is one of the key research topics which has shown promising results in improving the fuel
efficiency [1] and thereby reducing their environmental impact. Implementation of lightweight technology is a challenge as it has to pass through a diverse range of requirements such as safety, strength
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and cost. Existing light-weighting approaches include topology optimization [33] and lighter material substitution [34] which are often realized for the body-in-white as it is the heaviest structure
of a vehicle. However, not much research has been done on body closure systems that contribute
35-50% of vehicle mass and are highly challenging for light-weighting [35, 36].
In this regard, a baseline door with a traditional steel frame behind the glass architecture
was selected from a 2014 model year mid-size luxury crossover for the North American market. A
detailed door design optimization study is carried out using carbon fiber RTPC structure by implementing the MTR pathway [37, 38]. The goal of the study was to reduce the weight of the door by
42.5% while also meeting the mechanical performance and cost requirements. The design successfully satisfies all the static and dynamic load case requirements. A significant weight reduction of
43% is achieved for the structural part using the conceptual design.

1.6

Objectives
The primary goal of this study is to implement the FRTPC based structures in light-weighting

applications, while addressing the design and manufacturing challenges pertaining to large scale
productions. Therefore, the study explores the potential benefits of the thermoplastic materials reinforced with carbon or glass fibers to provide a sustainable and lightweight engineering solution to
structural problems. To achieve the desired goal, the FRTPC structures are investigated at different
length scales and following objectives are defined.
• Develop computational model to simulate micro-architectural interlocking mechanism to strengthen
the fiber/matrix interface.
• Perform a parametric study to understand the mechanical behavior of fiber/matrix interface
for different geometric configurations and strain rates.
• Develop a continuum level model to evaluate bulk material response due to enhanced interfacial strength through finite element homogenization methods.
• Establish a manufacturing to response pathway for a thermoformed structural subcomponent.
9

• Perform a design optimization study to implement FRTPC for a large volume structural application.

1.7

Dissertation Outline
The disseration is organized as follows.
Chapter 2 presents the concept of micro-architectural anchoring to enhance the interface

strength of fiber matrix interface for E-glass/polypropylene (PP) composite material system. A
parametric study is carried out to see the effects of dynamic loading rates on the interface mechanics. Various geometric configurations of the interface are studied and an optimal configuration is
predicted. The interface failure phenomenon is also investigated.
Chapter 3 presents the effect of mechanical interlocking on the macroscopic bulk behavior
using a continuum modeling approach. The representative volume element (RVE) homogenization
technique is used and analytical relationship is developed between design variables and material
model parameters.
Chapter 4 presents the manufacturing to response pathway that is developed to predict the
effects of thermoforming process on the mechanical performance of a FRTPC structure. The computational analysis is carried out on a hat subcomponent structure alongwith experimental validation
of the results.
Chapter 5 presents the design optimization study for an ultra-lightweight thermoplastic
composite door of a mid-size SUV. The door performance is evaluated for various static and dynamic load cases.
Chapter 6 summarizes and concludes the dissertation with some suggestions for the future
work.
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Chapter 2

Reinforced Thermoplastic Composites
with Interfacial Microarchitectural
Anchoring
2.1

Background and Literature Review
Engineering thermoplastics reinforced by fibers such as glass and carbon are proving to be

energy efficient, environment friendly and an economical replacement of conventional metals in a
wide range of applications such as automotive, medical and packaging. This is essentially caused
by their superior strength to weight ratio. Polyolefins such as polyethylene (PE) and polypropylene
(PP) are among the largest class of synthetic polymers used today due their abundance and low cost
of production [39]. E-glass fiber has low content of alkali ions and is widely used due to its high
electrical resistance, excellent recyclability and high tensile strength (3.39 GPa) [40]. While this
composite system has gained considerable attention and offers numerous commercial advantages,
there is a significant challenge that needs to be addressed before full potential of this composite
system can be achieved. PP is a nonpolar polymer with low surface energy and does not readily
wet to the glass fibers. Because of this, the interfacial bond strength between black matrix and fiber
surface is low (typically < 1 MPa with no surface treatment) [5].
11

To overcome this challenge, various approaches have been proposed to enhance the adhesion of thermoplastic polymers to fiber surfaces. These approaches can be broadly categorized into
chemical and physical modification methods. Chemical modification methods include grafting [8–
10] to form covalent bonds, and coating coupling agent layers such as silane, isocyanate, or titanate
compounds [41, 42], electrochemical treatment [43, 44] and oxidation [45, 46]. While impressive
interfacial strength can be obtained (e.g. 6 MPa at PP/glass interface using covalent grafting) [8, 9],
the chemical modification methods are typically costly. Physical modification methods are being investigated at both the macroscopic level, such as fiber fibrillation [5] and polymer rivet [47], as well
as microscopic level, such as sputter etching [8] and plasma treatment [48]. Unfortunately, these
physical modification methods lack control of the microscopic features imprinted on the surface,
which is an important element of the interfacial bond strength.
Fiber sizing where fiber surface is coated with nanoparticles or a polymer layer is another
commonly used technique that has proven quite effective for fiber reinforced plastics [49–54]. In
a recent study, [15] investigated computationally the effect of precise and controlled surface topology modification of fiber phase on interfacial strength. The study was carried out on a E-glass and
ultra-high molecular weight polyethylene (UHMWPE) composite system and showed that microarchitectural anchoring with precise control could be an effective way to achieve significant improvement of the interfacial bond strength. For example, the computational analysis results showed that
even without any interfacial friction or adhesion, the interfacial strength could achieve 50% of the
theoretical strength of perfect matrix-fiber bonding for a plane interface.
While the computational analysis presented by [15] showed that interfacial microarchitectural anchoring is a promising approach, the glass/PE material system was studied under quasistatic
loading conditions. Thermoplastic composites undergo dynamic or impact loading conditions in
various applications (e.g. aerospace and automotive applications). It is well known that strain rate
has a significant effect on the mechanical behavior of polymers [55, 56]. Therefore, it is important
to gain more insight into the strain rate effects on polymer composites for the design of lightweight
structures under dynamic or impact loading. Strain rate dependency of mechanical properties has
been studied for both thermoset and thermoplastic composite systems [55, 57–65]. These investiga12

tions were largely on the macroscopic level, and the results showed that higher strain rate typically
leads to increased tensile and compressive strengths. The research findings highlight the importance
of strain rate in the development of polymer composite structures. As the concept of enhancing the
interfacial strength in thermoplastic composites via controlled mechanical interlocking is relatively
new, strain rate effects on the interfacial strength have not yet been studied. It is not clear how the
micromechanical behavior and failure modes at the interface will vary with the change in strain rate.
This effect becomes particularly important when failure in dynamically loaded polymer composites
occurs predominantly due to interfacial debonding. In this study a computational analysis is performed to understand the effect of strain rate on failure mode and interfacial strength of E-glass/PP
composites. Several surface microarchitectures of the E-glass surface are considered. Strain rate
dependent material behavior of PP is first characterized via uniaxial tensile tests at strain rates ranging from 2 × 10−4 /s to 2 × 10−1 /s. Next, a finite element model is constructed for the E-glass/PP
composite material, and, based on the experimental data, a viscoplastic rheological model is developed for the polymer. Finally, a parametric study is performed computationally to understand the
relationship between geometry, surface morphology and interfacial strength at different strain rates.

2.2

Material Characterization
The engineering thermoplastic polymer selected for this study is polypropylene (PP) with a

semi-crystalline structure. It is the most readily available thermoplastic polymer. It posseses a high
energy absorption capability which makes it an ideal candidate for cost effective and lightweight
engineering applications. The strain rate dependency of PP was determined by carrying out uniaxial
tensile tests on PP samples using an Instron model 1125 universal testing machine at various strain
rates ranging from 2 × 10−4 /s to 2 × 10−1 /s. Before carrying out these tests, the pure PP pellets
were injection molded to prepare tensile test specimens following the ASTM D638 V standards.
The specimen has the gauge length of 7.62 mm, width 3.175 mm and thickness 3.302 mm. Figure
2.1 shows the injection mold cavity and the test setup with the Instron machine. The strain rates
used for the testing were 2 × 10−4 /s, 1 × 10−3 /s, 2 × 10−3 /s, 2 × 10−2 /s, 4 × 10−2 /s, and

13

2 × 10−1 /s. For each strain rate three tests were carried out to obtain the stress-strain response of
the material. For each strain rate, the engineering stress-engineering strain curves are averaged and
plotted as shown in Figure 2.2. The obtained experimental curves were then used to calibrate the
strain rate dependent material model which will be discussed in the following section.

Figure 2.1: One part of a metal mold for injection molding of tensile test specimens and the test
setup with the Instron machine

2.3
2.3.1

Modeling and Computational Analysis
Approach
The computational analysis approach for determining the interfacial bonding strength under

quasistatic loading has been presented by [15]. In this study, the approach is extended to dynamic
analysis. The bonding strength between fibers and matrix is commonly determined by a pushout test [66, 67], where the fiber is pushed in the axial direction with an indenter. A resulting
force vs indenter displacement curve is obtained and used to estimate the interfacial shear strength
and fracture behavior. Similarly, a thin film shear test could be used to evaluate the interfacial
shear strength between polymer matrix and thin reinforcing films. Without loss of generality, an
idealized composite system that undergoes a thin film shear test can be assumed as illustrated in
14

Figure 2.2: Experimentally obtained engineering stress-engineering strain curves for PP at different
strain rates
Figure 3.1. A 3D laminate structure of a glass film embedded in a polymer matrix is shown in Figure
3.1(a). The glass film surface is modified using protruding circular rods with uniform spacing.
In the push-out test, the glass film is pushed from the top in the vertical direction. Due to the
invariance of the geometry and loading condition in the direction of depth, the push-out test of the
3-D laminate structure can be simplified into a 2D plane strain shear test model as shown in Figure
3.1(b). Furthermore, due to the periodicity in both the horizontal and vertical directions, a unit
cell or representative volume element (RVE) is identified and marked in red dotted box in Figure
3.1(b). With periodic boundary conditions (PBC) applied on its top and bottom edges, the shear test
can be carried out over a single 2-D RVE as shown in Figure 3.2. Finite element analysis package
ABAQUS is used for the numerical simulation of the shear test. In the numerical simulation, a
shear loading is prescribed by applying a uniform vertical displacement s on the left face of glass
and a fixed boundary condition on the right face of polymer. The horizontal distance between these
two boundaries remains constant during loading, which adds tension to the interface. The bonding
strength of the interface is evaluated through the calculation of a reaction force per unit depth at
the glass surface where the displacement boundary condition is prescribed. The reaction force per
15

unit depth is then normalized by the height of the RVE to achieve an average shear stress along the
interface. In the dynamic analysis, a given true strain rate ()
˙ is defined as:

˙ =

s
t × Lm

(2.1)

where t is the simulation time and Lm is length of matrix (refer Figure 3.2).

(a)

(b)

Figure 2.3: Illustration of (a) 3D laminate structure comprising of circular rods on the surface of
glass fiber bonded to a polymer matrix and (b) schematic diagram of a 2D plane strain model along
with marked RVE

2.3.2

Surface Morphology Parameters
To investigate the effects of strain rate on interfacial strength and failure mode for different

surface morphologies and geometric configurations, a parametric study is performed. As shown in
Figure 3.2, the composite system is completely defined by five dimensional parameters: radius of
the rods (R), depth of the rods measured from the surface of the glass layer (d), rod spacing (h),
length of the matrix material (Lm ), and length of the glass layer (Lf ). The rod spacing determines
the density of the rods on the glass surface. The rod depth is defined as the distance from the rod
center to the surface of glass layer, with the negative direction corresponding to the rod being further
16

Figure 2.4: RVE with parameters and boundary conditions
embedded in the glass. In this study, due to the typical manufacturing constraints, R and Lf are kept
constant. The surface morphology is then parameterized by three non-dimensional parameters: (1)
the rod depth to radius ratio (-d/R), (2) the rod density (-h/R), and (3) the volume fraction defined
as Vf = Lf /(Lf + Lm ). Table 2.1 shows the values used for these parameters. It is important
to note that Vf hereby mentioned represents the volume fraction of glass for the baseline geometry
where no rods are present. If the volume occupied by the glass rods is considered, then the actual
volume fraction obtained is slightly higher than Vf . For the cases studied herein the percentage
increase in the actual volume fraction ranges from 1.3% to 9.9%. It is important to note that the
current study is focused on ideal bonding strength that can be achieved without any chemical bonding or friction. Thus, the effect of residual stresses owing to polymer manufacturing conditions are
neglected. Further it is also assumed that the polymer completely infiltrates the idealized geometry.
Figure 2.5 shows different geometric configurations obtained by varying h/R and d/R for a fixed
Vf = 30%.
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Table 2.1: Surface morphology parameters to obtain different geometric configurations
Parameter
R, Lf
Lf
Vf = Lf +L
m
h/R
d/R

Value
Constant
10%, 20%, 30%, 40%
8/3, 12/3, 16/3, 20/3, 24/3
-3/6, -2/6, -1/6, 0, 1/6, 2/6, 3/6, 4/6, 5/6

Figure 2.5: Geometric configurations at the interface for a given Vf = 30%. Fiber and matrix lengths
Lf and Lm are not displayed here

2.3.3

Material model
In this study, the E-glass is modeled as a linear elastic material with an elastic modulus of

E = 70 GPa and Poisson0 s ratio of 0.22 [68], and the PP is described by the Three Network Model
(TNM) [69]. The TNM is a rheological model that can capture non-linear, viscoelastic/plastic, time-

18

and temperature-dependent responses at both small and large strains. It consists of three parallel
spring-dashpot networks termed as network A, B and C as shown in Figure 2.6 [22]. Networks
A and B capture the initial modulus and viscoplastic behavior by employing two separate energy
activation mechanisms which correspond to amorphous and semi-crystalline domains. Network C
captures the large strain response which is controlled by the entropic resistance due to alignment of
the molecular structure.

Figure 2.6: Material model for PP and E-glass

The deformation gradient of networks A and B is multiplicatively decomposed into two
components as F = Fei Fvi , where i is the network identifier (A or B) and Fei and Fvi are the elastic
and viscoplastic component of F respectively. The Cauchy stress acting in networks A and B is
defined by the eight-chain model [70, 71] as:

σi =

L−1

µi
Jie λei

∗



∗

λei
λL





θ − θo
∗
  dev[bei ] + κ(Jie − 1)I
1+
θ̂
L−1 λ1L
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(2.2)

∗

∗

where, µi is the initial shear modulus, Jie = det[Fei ] is jacobian, λei = (tr[bei ]/3)0.5 is the
effective chain stretch, θ and θ0 are the current temperature and reference temperature respectively,
θ̂ is a material specific parameter based on the temperature response of the stiffness, L−1 (x) is the
∗

inverse Langevin function, λL is the chain locking stretch, bei = (Jie )−2/3 Fei (Fei )T is the CauchyGreen deformation tensor, dev is the deviatoric component of the deformation tensor, and κ is the
bulk modulus. It should be noted that for the current study temperature effects are neglected. For
network C the Cauchy stress is given by the eight-chain model:
 



 L−1 λ∗


λL
µc
θ − θo
1
  dev [b∗ ] + κ(J − 1)I
1
+
σc =

1 + q  Jλ∗
θ̂
L−1 λ1L
 

q
µc ∗ ∗ 2I∗2
+
I1 b −
I − (b∗ )2
1+q J
3

(2.3)

where, q is the relative contribution of I2 of network C, µC is the initial shear modu∗

lus, b∗ = J −2/3 F(F)T is the Cauchy-Green deformation tensor where J = det[F], and λ =
(tr[b∗ ]/3)0.5 is the effective chain stretch. The total Cauchy stress in the system is given by
σ = σ A + σ B + σ C . Networks A and B include viscous damping elements for which the velocity gradient of viscoelastic flow is defined as:
dev[σ i ]
F˙vi = γ̇i Fe−1
F
i
τi

(2.4)

where, γ̇i is the effective deviatoric flow rate which is given by:

γ̇i = γ˙0

τi
τˆi + aR(pi )

mi 

θ
θ0

n
(2.5)

where, τi is the flow resistance of network i, τˆi is the Frobenius norm of the deviatoric part
of stress, mi , and n (constant for all three networks) are material dependent parameters, pi =
−[(σ i )11 + (σ i )22 + (σ i )33 ]/3 is the hydrostatic pressure, γ˙0 is a constant introduced for dimensional consistency with units 1/s, R(pi ) is a ramp function and a is pressure dependence of flow.
More detailed description of the model can be found in [69].
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The stress-strain data obtained at different strain rates from the tensile tests performed on
PP samples (as discussed in Section 2) is then used to determine the various parameters of the
TNM by applying a multivariate optimization procedure on mean values of the experimental data.
This analysis is carried out in PolyUMod software by Veryst Engineering [22]. The optimization
is performed with the experimental data for two extreme strain rates, such as ˙ = 2e − 4/s and
˙ = 2e − 1/s, and the TNM parameters are obtained as shown in Figure 2.6. The results of this
calibration are shown in Figure 2.7(a). Figure 2.7(b) shows the model predicted stress-strain curves
for the intermediate strain rates compared with mean experimental data. The calibrated model has a
mean percentage error of 5% in the estimation of yield point, and is believed to capture the material
response characteristics of the polymer at various strain rates.

(a)

(b)

Figure 2.7: Material model calibration for PP: (a) model calibration using two extreme strain rates,
(b) predicted stress-strain curves at intermediate strain rates compared with the experimental data

2.3.4

Failure modes
The reinforcing material of the composite system in this study is E-glass thin film which has

much higher strength than that of the matrix material PP. Consequently, for the loading conditions
applied in the numerical simulations, the stress developed within the glass layer is much lower than
its fracture strength of 3.5 GPa in tension [68]. However, fracture initiation within the glass at the
junction of the glass layer and the glass rods could occur due to stress concentration, manufacturing
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defects or a very small neck (when d/R ≈ 1.0). However, since an idealized composite system
is considered with d/R ≤ 0.9 fracture initiation at the junction is not considered. Within the
polymer, failure can be classified into two modes: detachment and fracture. The detachment mode
corresponds to debonding between the reinforcing material and the polymer matrix which typically
results in delamination in composite systems. In the E-glass/PP system under consideration, it refers
to the slippage of the polymer layer, which was initially anchored at the glass rod interface, due to
application of the load. After detachment occurs, the force-displacement curve exhibits either a
drop in load or a plateau where the load remains constant which is further illustrated in the results
section. For polymer fracture, which is the second mode of failure, the molecular chain stretch
failure criterion is implemented. According to the failure criterion, the polymer fractures when it
reaches a critical chain stretch value defined as [69]:
r
λchain =

1 21
(e + e22 + e23 )
3

(2.6)

where e is the exponential and i are the principal strains. To obtain the critical value λchain for PP
at different strain rates, first the true failure strain values were obtained from the experimental data.
A curve fitting operation was performed on experimental data sets to obtain relationship between
true failure strain and strain rate using a power law. Figure 2.8 shows a semi-log plot of true strain
at failure and strain rate. The curve fitting is represented by solid blue curve. Based on this curve
fitting, the true failure strain values were used in Eq. (5) to obtain the critical stretch value λchain at
different strain rates. Table 2.2 shows the critical chain stretch value determined for different strain
rates. The results for selected strain rates, such as ˙ = 2 × 10−4 /s and ˙ = 2 × 10−1 /s are presented
in section 4 for the ease of comprehension.
Table 2.2: Chain stretch values at various strain rates.
Strain rate symbol
R1
R2
R3
R4
R5
R6

Strain rate (/s)
2 × 10−4
1 × 10−3
2 × 10−3
2 × 10−2
4 × 10−2
2 × 10−1
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Chain stretch value
0.69
0.53
0.48
0.38
0.36
0.34

Figure 2.8: Semi-log plot of true failure strain vs strain rate

2.4

Results and Discussion
The FE model discussed in previous section is used to determine the interfacial shear

strength (IFSS) and failure modes for different configurations (geometry and volume fraction) of
E-glass/PP interface at different strain rates. In order to carry out the parametric study the constant
parameters, R = 0.75µm and Lf = 8.75µm are assumed. IFSS herein is defined as the average
shear stress at the onset of failure. The average shear stress is calculated by normalizing the vertical
component of reaction force per unit depth with height of RVE, h. For clarity, numerical results
of the interfacial shear strength are presented and discussed only for a set of representative strain
rates which are R1 = 2 × 10−4 /s, R4 = 2 × 10−2 /s, and R6 = 2 × 10−1 /s. In the simulations,
the E-glass layer is moved continuously at a given strain rate until one of the failure modes occurs.
As the viscoplastic rheological material model of PP incorporates a chain stretch fracture failure
criterion, in the case of polymer fracture, the numerical simulation terminates as soon as the failure
stretch value is reached. In the case of detachment, the simulation continues until the displacement
in a single time step exceeds a prescribed value that is sufficiently large so that detachment can be
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ascertained.

2.4.1

Strain rate effects: perfect bond vs no bond
To evaluate the performance of interfacial mechanical interlocking at different strain rates,

it is necessary to compare the interfacial strength produced by pure mechanical interlocking without the help from other bonding mechanisms, such as chemical bonding and friction, with that of
perfectly bonded interface where no slippage is allowed. In this study, the IFSS with the perfectly
bonded interface is considered as the ideal one. Taking two geometric configurations of the interface, the push-out test simulations are performed at two extreme strain rates R1 and R6 on the
E-glass/PP RVE with both the no-bond (pure mechanical interlocking) and perfectly bonded interfaces. The average shear stress vs shear displacement results are compared in Figs. 2.9(a) and 2.9(b)
for the strain rates R1 and R6, respectively. The composite systems shown in these figures all have
Vf = 30% with rod distance h/R = 8/3, and rod depths of d/R = -3/6 and -1/6. Each of these plots
compare the no-bond interface scenario which only transmits pressure across the interface and corresponds to pure mechanical interlocking with that of perfectly bonded interface where no slippage
is allowed. The square marker on the curve represents the polymer fracture mode of failure in the
polymer. The circle marker represents the detachment mode of failure. Corresponding to each of
these failure points, a stress contour plot showing the von-Mises stress distribution at the time of
failure is presented in Figure 2.10. The colored regions in this contour plot represent a single RVE
while the grey regions are reproduced from the RVE to display continuous material and deformation
along the interface.
In comparison between the perfect bond and no bond interfaces, at the low strain rate R1 =
2 × 10−4 , Figure 2.9(a) shows that the ideal IFSS values obtained are 19.6 MPa and 22.42 MPa
for rod depth d/R = -1/6 and d/R = -3/6, respectively. Interestingly, the strain softening behavior
is observed for both of these rod depths at the strain rate R1, where the stress reaches a maximum
and then drops with increasing displacement till polymer fracture occurs represented by markers
D1 and B1 on the curves for d/R = -1/6 and d/R = -3/6 respectively. A lower d/R means a flatter
glass surface. Figure 2.10 shows that for the perfect bond cases B1 and D1, the von-Mises stress
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(a)

(b)

Figure 2.9: Average shear stress vs shear displacement plot comparing perfect bond with no-bond
interfaces at (a) strain rate R1 and (b) strain rate R6

Figure 2.10: von Mises stress distribution at the failure points identified in Figure 2.9
in the polymer regions near the bottom of the rod is quite small. The majority of the shear force is
transmitted from the glass to the polymer through the interface area near the top to the rod. This
is supported by the numerical results indicating that the location of fracture is near the top of rod
for all geometric configurations. Therefore, when perfectly bonded, a flatter interface leads to a
larger interface area for force transmission and more evenly distributed stresses, resulting in a lower
maximum shear force for a given displacement and a larger displacement before failure. Note that,
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since there is no slippage in the perfect bond cases, the polymer fracture mode is the only failure
mode. In comparison, for the no-bond (or pure mechanical interlocking) case, the transmission
of force occurs only through pressure since there is no friction or any resistance to slipping at the
interface. Therefore, the polymer surface slides over the glass surface due to the loading. In this
case, as shown in Figure 2.10 A1, A2, C1 and C2, the largest von-Mises stress appears in the
polymer layer underneath the rod curvature. Depending on the geometric configuration and the
loading condition, the polymer may or may not come out of the space between adjacent rods. As
shown in Figure 2.10 A1, when the interface is flatter and the space between the adjacent rods is
wider, the polymer comes out of the space easily and detachment occurs at a relatively low shear
force. When d/R is larger, however, the rod protrudes further into the polymer matrix and the space
between the adjacent rods becomes deeper. In this case, polymer fracture may occur before the
slip-out of the polymer takes place. It is observed in Figure 2.9(a) that 56% (A1) and 67% (C1) of
the ideal IFSS is achieved by pure mechanical interlocking i.e. no-bond interface, at d/R = -3/6 and
d/R = -1/6, respectively.
In comparison between Figs. 2.9(a) and 2.9(b), there are clear differences in the stressdisplacement curves for different strain rates. At the high strain rate R6, the stress-displacement
curve for a perfectly bonded interface with d/R = -3/6 exhibits a linear slope in the plastic region,
which is similar to strain hardening, before the fracture mode of failure occurs at marker B2. For
d/R = -1/6, however, the fracture occurs much earlier at marker D2 due to the higher stress concentration for the further protruded rod. Compared to the low strain rate cases, the high strain rate
induces higher shear forces but smaller displacement before fracture. This is due to increased intramolecular resistance to chain segment rotation and decreased stress relaxation in the high strain
rate cases. As shown in Figure 2.9(a) and (b), the perfect bond interface with d/R = -3/6 allows a
large shear displacement, s/R = 50 at R1 and s/R = 27 at R6. In addition, the ideal IFSS reaches
24 MPa which is 7% higher than that at R1. With d/R = -1/6, the ideal IFSS is obtained to be 22
MPa which is 13% higher than that at R1. Similar behavior is observed for the non-bond interface
with d/R = -1/6. For the non-bond interface with d/R = -3/6, however, there is a small difference
between the failure due to detachment at points A1 and A2 as shown in Figure 2.9. Note that both
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stress curves drop quickly and then increase again after the failure points. This is due to the motion
of the polymer ”teeth” into the next inter-rod space. More discussion on this phenomenon will follow in the next section. The stress distributions at the two strain rates are also almost the same as
shown in the Figure 2.10, cases A1 and A2. This result indicates that the strain rate effect on the
micro-mechanical behavior of the polymer has little influence on the macroscopic IFSS when the
failure mode is detachment.

2.4.2

No-bond interface with variation in rod depth
Consider a geometric configuration of the interface with Vf = 10% and a constant rod

distance h/R = 12/3 for which the rod depth is varied from d/R = -3/6 to +3/6. The average
shear stress vs shear displacement curves at strain rates R1 and R6 are presented for three rod
depths d/R = -3/6, -1/6 and +3/6 in Figure 2.11. The dashed line represents the low strain rate of
R1 = 2×10−4 /s, and the solid line represents the high strain rate of R6 = 2×10−1 /s. It is observed
that stiffness increases with increasing strain rate for all rod depths. At rod depths d/R = -3/6 and
-1/6, the failure mode is detachment, i.e. slip of interface. The stress drops significantly and then
increases when the polymer ”teeth” move into and then are mechanically locked in the next interrod space. This is observed for both strain rates. However, for R6, the drop and rise in stress occur
over a larger displacement. The progression of deformation at the interface can be observed in the
upper plot of Figure 2.12 which shows the stress distributions on the deformed material system at
points A1-A3 for R1 and B1-B3 for R6. The locations A1 and B1 are identified as failure locations
where detachement occurs, and the IFSS is determined at these locations. The IFSS obtained at R6
is 5.88% higher than that at R1. In addition, comparing A3 and B3, it is observed that the polymer
is more ”squeezed” toward the rod in the front after slipping into a new inter-rod space. For d/R
= +3/6, since a rod is deeply embedded into the polymer matrix, the IFSS is significantly increased
and the failure mode is polymer fracture regardless of strain rate. Polymer fracture locations are
denoted by C1 and D1 for strain rates R1 and R6 respectively. As shown in the lower plot of Figure
2.12, a higher average stress is observed in the vicinity of the fracture location in C1 while the stress
in D1 is lower near the fracture location but becomes more evenly distributed as we move away
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from the interface. For comparison, the IFSS obtained at R6 is 9.8% higher than that at R1, which
is 13.88 MPa.

Figure 2.11: Average shear stress vs shear displacement curves: fixed Vf = 10% and rod distance
h/R = 12/3, and varying rod depth −3/6 ≤ d/R ≤ +3/6 and strain rates R1 = 2 × 10−4 /s and
R6 = 2 × 10−1 /s

Figure 2.12: von Mises stress distribution at the failure points identified in Figure 2.11
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2.4.3

No-bond interface with variation in rod density
Consider a geometric configuration of the interface with Vf = 10% and a constant rod

depth d/R = +3/6 for which the rod distance, which is directly proportional to the rod density, is
varied from h/R = 8/3 to 24/3. At d/R = +3/6, the rods are deeply penetrated into polymer. The
average shear stress vs shear displacement curves at strain rates R1 (represented by dashed lines)
and R6 (represented by solid lines) are plotted for three rod distances h/R = 8/3, 16/3 and 24/3
as shown in Figure 2.13. It is again observed that initial stiffness increases with increase in strain
rate and it is independent of h/R. Polymer failure modes are observed for all configurations under
consideration in this section (markers A to C). The von-Mises stress distributions at different failure
points from A to C are presented in Figure 2.14. At the smallest rod distance h/R = 8/3, two failure
modes are identified for each strain rate and the locations are marked with markers A1-A2 at R1
and markers A3-A4 at R6 in Figure 2.13). At this rod distance, a very thin polymer layer occupies
the space between two corresponding rods. As a result of large shear deformation a significantly
large stretch is observed in the polymer layer while shear stresses are considerably lower. With
further shear displacement, the thin polymer layer starts slipping/detaching from the interface for
both strain rates R1 and R6 (see A1 and A3 in Figure 2.14) and a stress drop is also observed in
the plot. However, since the rod depth is considerably higher relative to the polymer region the
high stresses are observed in the immediate vicinity resulting in polymer fracture before complete
detachment occurs as shown in cases A2 and A4 in Figure 2.14). When h/R = 16/3, the IFSS
is significantly larger compared to that for h/R = 8/3. This is primarily due to increased volume
of polymer layer in the immediate vicinity of the rods, resulting in higher resistance of polymer
to stretch. The shear displacement at R6 is 9.5% lower than that at R1, while the IFSS is 8%
higher. Upon further increasing rod distance to h/R = 24/3, it is observed that both the IFSS and
shear displacement decrease. In fact, among all the h/R in the given range, the maximum IFSS
is obtained for h/R = 16/3 regardless of strain rate. This result suggests that there is an optimal
geometric configuration of the interface for achieving maximum IFSS. More discussion on this will
follow in later sections. For h/R = 24/3, both the shear displacement and IFSS are lower at the
high strain rate R6. The stress contour plots C1 and C2 in Figure 2.14 show that a larger polymer
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deformation occurs along with higher stress distributions in case C1. It is important to note that,
as also shown in case C2, the stress is quite small (< 10MPa) in a large region between the two
successive rods, which are responsible for the decrease of the IFSS compared to other cases with
smaller h/R.

Figure 2.13: Average shear stress vs shear displacement plot: fixed Vf = 10% and rod depth
d/R = +3/6, and varying rod distance 8/3 ≤ h/R ≤ 24/3 and strain rate R1 = 2 × 10−4 /s and
R6 = 2 × 10−1 /s
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Figure 2.14: von Mises stress distribution at failure locations identified in Figure 2.13

2.4.4

Failure behavior and IFSS charts
As discussed earlier, the design parameters of the geometric configuration at the E-glass/PP

interface include rod depth (d/R), rod distance (h/R), and fiber volume fraction (Vf ). In this
section, a parametric study of the strain rate effect on the IFSS is performed with varying the rod
depth and rod distance simultaneously and fixing the volume fraction at a certain value. Figure 2.15
shows three plots of IFSS curves as functions of the rod distance, h/R, ranging from 8/3 to 24/3.
Each plot contains three curves corresponding to different strain rates such as R1, R4 and R6 with
a constant rod depth. In Figure 2.15 (a) to (c), the rod depth varies as d/R = -1/2, d/R = 0, and
d/R = +1/2. For all three plots, the Vf = 30%. In the plots, the circular marker denotes the failure
mode of polymer detachment and square marker denotes polymer fracture. At a large negative rod
depth, i.e. low rod height over glass surface, d/R = -1/2, a continuously decreasing IFSS curve
is observed as shown in Figure 2.15 (a) for all three of the strain rates, which indicates that the
interfacial strength decreases as rod distance, h/R, increases. It is further observed that the failure
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mode is detachment on all the curves. As discussed earlier, in this case, the effect of strain rate
on IFSS with any rod distances is negligible. When the rod depth increases to d/R = 0, as shown
in Figure 2.15 (b), it is observed that the IFSS increases significantly for all h/R values and strain
rates. The failure mode becomes polymer fracture on all curves. It is shown that all three curves
are concave-down and each curve reaches its maximum at a certain h/R. For the higher strain rate
curves R6 and R4, the maximum value of IFSS are obtained around h/R = 12/3 while for the low
strain rate R1 IFSS is maximum at h/R = 16/3. This suggests that the maximum IFSS not only
depends on the geometric configuration parameters but also on strain rate. At lower h/R values, a
thin polymer layer between two successive rods is present which undergoes large stretches and fails
due to the high stress concentration over a small area as discussed earlier. On the other hand, at
larger h/R, the number of rods per unit length reduces on the interface. A much larger force is now
transmitted by the rods to the polymer layer underneath them as a result of shear displacement. This
results in polymer matrix fracture. This is reflected in the results where an optimial rod distance
is observed for any given configuration to attain maximum IFSS. It is also observed that, with
increasing h/R, the maximum IFSS may be associated with different strain rates. For instance, at
smaller rod distances such as h/R = 8/3 and 12/3, the maximum IFSS is obtained at R6. However,
as h/R increases to 20/3, the maximum IFSS is obtained with strain rate R1 which is 6% and 7%
higher than the IFSS obtained at R4 and R6, respectively. Further increasing the rod depth to d/R =
+1/2, Figure 2.15 (c) shows three concave-down curves with polymer fracture failure mode similar
to those in Figure 2.15 (b). While a relatively small increment is observed at lower h/R values, the
IFSS becomes significantly higher as the rod distance is increased to h/R = 20/3 and 24/3.
Viewing the strain rate dependency of failure behavior from a different perspective, Figure
2.16 shows two sets of IFSS curves as functions of the rod depth d/R ranging from -3/6 to 5/6. One
set is for rod distance, h/R = 8/3 and the other is for h/R = 24/3. Each set contains two curves
corresponding to strain rates R1 and R6 with the Vf = 30%. For h/R = 8/3, at the low strain
rate R1 shown with dashed orange curve, the failure curve increases linearly as the rod depth, d/R,
increases from -3/6 to -1/6. The failure mode with large negative rod depths such as d/R = -3/6
and -2/6, is predominantly detachment mode. The failure mode changes to polymer fracture at d/R
32

(a)

(b)

(c)

Figure 2.15: IFSS as a function of rod distance at different strain rates for (a) d/R = -1/2 , (b) d/R
= 0 and (c) d/R = +1/2
= -1/6. As d/R further increases from -1/6, the failure curve reaches a plateau at about 16 MPa
and remains almost constant with further increasing d/R and there is no change of the failure mode
from the polymer fracture. An IFSS curve with similar behavior is observed for the high strain rate
R6 shown with a solid orange curve. However, the overall interfacial strength is higher at R6 than
that at R1. For instance, at d/R = -3/6, the IFSS at R6 is 8% higher than that at R1. The difference
increases to approximately 16% when d/R > -1/6. For h/R = 24/3, the failure curves exhibit a

Figure 2.16: IFSS as function of rod depth, d/R, at different strain rates for h/R = 8/3 and 24/3
different behavior. The IFSS curve at R1 represented by dashed yellow curve, shows continuously
increasing trend as the rod depth, d/R, increases from -3/6 to -1/6, with detachment being the mode
of failure in this depth range. As the rod depth increases from -1/6 to 0, the IFSS curve shows a
steeper increase and the failure mode changes from detachment to fracture. With further increase
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in rod depth from 0 to +3/6, the upward trend of the IFSS curve slows down. A similar behavior is
observed for the high strain rate R6 shown with solid yellow curve. There is no effect of strain rate
observed on failure mode transition. In the majority of the rod depth range, d/R from -3/6 to +3/6,
the high strain rate R6 shows a higher IFSS than that at R1. For d/R > +3/6, however, the low
strain rate R1 provides a higher IFSS than that at R6. In addition, it is observed that the two rod
distances, h/R=8/3 and 24/3, show different increase rates of the IFSS as d/R increases. At lower
rod depths d/R < +1/6, a higher interfacial strength is obtained for h/R = 8/3, while, at higher
d/R, IFSS is higher for h/R = 24/3.
To summarize the parametric study results for the interfacial shear strength and failure
modes of the E-glass/PP composite, IFSS charts depicting the influence of strain rate as well as the
geometric configuration parameters listed in Table 2.1 are generated and shown in Figure 2.17. In
the IFSS charts, the color bars show IFSS values in MPa. A solid red line divides each plot into two
regions. All the data points that lie in the left region have detachment mode of failure while those
in the right region have polymer fracture mode of failure.
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Figure 2.17: Charts depicting IFSS as a function of strain rate and the geometric configuration
parameters. The color represents IFSS in MPa. The solid red line divides a plot into two regions of
failure mode: detachment mode region (left) and fracture mode region (right)
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Chapter 3

Continuum Constitutive Modeling of
Reinforced Thermoplastic Composites
with Interface Mechanical Interlocking
3.1

Introduction
The concept of controlled interfacial interlocking through precise surface modification has

been conputationally studied by [15, 19]. These studies showed that the microstructural parameters at the interface have significant effect on the interface strength and failure behavior. Therefore,
taking into account the microstructural details of the filler-matrix interface is important in the computational analysis of structures made of such composites. Moreover, quantifying the relationship
between the microstructural design and the macroscopic material behavior allows development of
tailored composites with increased structural strength. However, due to the scale difference between
the interfacial microstructures (< 1µm) and typical composite structures (> 1m), it is computationally infeasible to model the interfacial details in a macroscopic structural analysis. This necessitates
the incorporation of homogenization methods to bridge these scales.
To predict the effective macroscopic properties of composites both analytical and numerical
homogenization methods have been proposed in the literature [16, 17, 72–76]. Several analytical
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methods have been successfully developed. For instance, Mori-Tanaka method [77] is a well-known
approach for the composite materials with clearly distinguished matrix material, while other selfconsistent schemes [78, 79] have been developed to predict the behavior of composites with more
randomly distributed constituents. A variational homogenization method is proposed by Hashin
and Rosen [80] to produce bounds for the effective elastic moduli for fiber reinforced composites.
While several successful analytical methods have been developed, their implementation in a more
complex composite system becomes challenging and may produce inaccurate results. These complexities may arise due to material nonlinearities or development of localized stresses and failure.
For such problems, finite element (FE) homogenization is a widely used technique, where a threedimensional representative volume element (RVE) of the microstructure is studied [75, 76, 81, 82].
Several studies have been carried out to investigate the effects of interfacial properties on the effective macroscopic properties of various composites using FE homogenization technique [83–87].
For instance, the effect of imperfect interfaces on the effective elastoplastic mechanical behavior of
fiber reinforced ceramic composites was investigated in [85]. They showed that the different interfacial properties can induce different damage onset in the matrix of the composites and significantly
influence the transverse tensile behavior. In another study, a micromechanical model approach to investigate the damage evolution in a high fiber volume fraction composite was utilized in [87]. They
showed that the transverse behavior is affected significantly more by the interface normal strength
rather than the interface shear strength. In a two part study [88, 89] presented a comprehensive
theoretical framework to predict the effective moduli of multiphase composites containing spherical
particles or fibers. They showed that the imperfect interface bonding can considerably affect the
effective moduli of the composite. Recently, [90] developed a non-linear constitutive model for imperfectly bonded fiber-reinforced composites. The model assumed elastic-plastic matrix behavior
and predicted the compressive failure due to fiber kinking.
While a lot of notable research has been done in the field of composite homogenization,
the majority of work still exists till the linear regime. The macroscopic models that predict the
non-linear and failure behavior of complex fiber/matrix interfaces consider plasticity models and
are still scarce. However, the glassy polymers such as thermoplastics and elastomers exhibit vis37

coplastic and strain softening behavior which cannot be accurately captured by the plasticity models.
For instance, [91] demonstrated that the complex set of experimental behavior that is characteristic
of UHMWPE cannot be captured by the J2-plasticity model accurately. To this end, a non-linear
continuum constitutive model is developed which can capture the fiber/polymer matrix interaction
behavior due to interfacial mechanical interlocking effects. However, there are several challenges in
the homogenization and development of continuum constitutive model for the composite material
with mechanical interlocking. First, the polymer matrix behavior is non-linear and viscoplastic due
to which the bulk behavior can be affected by loading rate and temperature. Second, the composite
material is anisotropic due to the orientation of inclusions or fibers. Moreover, the mechanically
interlocked interface region contributes significantly towards the bulk behavior. Also the non-linear
effects may arise from the interface contacts. This necessitates the development of the continuum
level model that can completely capture the effects of material non-linearity, anisotropy and interface interaction.
In this work, we develop an anisotropic viscoplastic material model for the themoplastic composite material with interfacial mechanical locking using the FE homogenization method.
A three network viscoplastic rheological model (TNV) is considered and it is assumed that each
network independently represents the bulk polymer behavior, the interface behavior and the filler
behavior. The model parameters are then tested for different geometric configurations which were
obtained by varying the microstructural design parameters. To perform this, first a unit cell or RVE
is constructed and periodic boundary conditions are imposed. Then, RVE is tested under equibiaxial and shear loadings for large displacements. Several numerical simulations are carried out by
changing the design parameters of the interface and constructing and testing various RVEs. The
stress-strain behavior obtained from these tests is then used to calibrate the TNV model parameters.
Finally, regression analysis is performed to establish the analytical relation between the TNV model
parameters and the interface design variables. The chapter is organized as follows: in section 3.2 FE
homogenization method is presented, in section 3.3 macromechanical model is presented followed
by section 3.4 where results are discussed.
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3.2
3.2.1

Homogenization
3D RVE Homogenization
Figure 3.1(a) shows an idealized 3D laminate structure comprised of glass films embedded

in the polymer matrix. The surface topology of the glass film is modified by realizing glass rods
to create the controlled interfacial mechanical interlocking effect. The laminate structure can be
envisaged as a periodical array of cubic 3D RVEs as shown in the Figure 3.1(b). Figure 3.1(b)
shows a single 3D RVE with unit dimensions in all sides and, ΓF + , ΓR+ and ΓT + represent front
(+Z axis), right (+X axis) and top (+Y axis) surfaces of the RVE. The mechanical interlocking effect
generates along the Y and X axis and thus model can be further simplified to a 2D RVE problem as
shown in Figure 3.2(a) since there is no interlocking effect along the Z axis.

(a)

(b)

Figure 3.1: Illustration of (a) Idealized 3D laminate structure glass film embedded in a polymer
matrix and (b) representation of a 3D RVE.
Unlike a homogenous material, the heterogenous filler/matrix composite material does not
exhibit a uniform stress and strain state under a uniform loading due to a large variation in filler and
matrix properties. However, as mentioned earlier, the micromechanical model can be considered as
a periodic arrangement of identical RVEs (or unit cells) (refer Figure 3.1(b)) which is the smallest
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(a)

(b)

Figure 3.2: (a) 2D representation of the periodic RVE and (b) Interface configuration.
periodic representation of a larger structure. Under the assumption that the global structure is much
larger than the unit cells, each unit cell can be considered to exhibit identical stress and strain
fields. Therefore, at global scale the stress and strain fields will be periodic in nature except, at the
boundaries of the global structure, where the external loads are applied. At RVE level boundary,
periodic boundary conditions (PBC) are imposed to determine the displacement constraints. The
PBC on a 3D RVE can be described as [92]:
ui = ij xj + u∗i

i, j = 1, 2, 3

(3.1)

where, ui are the displacements along the i-th direction, ij are average strains and u∗i are the
periodic part of the displacement components on the boundary surfaces which are typically not
known and depend on the applied global loads and xj is the current position vector along j-th
direction. The indices i and j denote the global three-dimensional coordinated directions in the
range 1-3. Since the periodicity part (u∗i ) on the two opposing surfaces of a cubic RVE is identical,
the difference between displacements on a pair of opposite boundary surfaces having normal along
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axis j can be described as:
+

−

+

−

uΓi − uΓi = ij (xΓj − xΓj )

(3.2)

Since Eq. (3.2) does not contain the unknown periodic part of the displacement it is convenient to
implement in FE analysis. In FE analysis, the PBC is imposed on a RVE by coupling opposite faces
along in-plane direction, i.e., two corresponding nodes with same in-plane coordinates on the two
opposite boundary surfaces are selected and an equal in-plane displacement constraint is imposed.

3.3

Macromechanical model
At macroscale, the laminate is modeled as a homogenous orthotropic material. Two separate

macroscopic models are described here. First, a laminate macro model is presented for the small
strains, where the material behaves linearly along both longitudinal and transverse directions. A
linear elastic model can be assumed and material behavior can be modeled by obtaining the effective
or bulk macroscopic modulus. Next, for the larger strains the laminate behavior in transverse and
shear directions is non-linear. Therefore, an anisotropic viscoplastic material model is developed to
describe the large strain non-linearity.

3.3.1

Assumptions and Limitations
It is important to note here that to develop the macromechanical model following assump-

tions are made.
• It is assumed that there are no interlocking effects along the Z-axis and hence only a 2D
analysis is performed.
• The effects of delamination, damage propagation, and fracture are not considered in the material model.
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• The effect of strain rate is not considered and model is investigated for only quasi-static
loadings.
• The temperature effects on the polymer behavior are not considered.
• An ideal filler/matrix interface is imagined without any voids or gaps in the cusp region. It is
assumed that matrix material completely infiltrates the cusp region.

3.3.2

Linear Macroscopic Model
To model the effective macroscopic modulus at small strains a linear elastic behavior is

assumed. The constitutive relation of the laminate can be written as:

σ = C

(3.3)

where,  and σ are average strains and stresses and C is the stiffness matrix. To describe the
homogenous structure at macroscale, stresses and strains at macro level are derived by averaging
the stress and strain tensor over the volume of the RVE. In other words, the bulk material properties
are calculated by averaging the strains and stresses in a RVE of volume V , which can be described
as:
1
V

Z

1
σ ij =
V

Z

ij =

ij dV

(3.4)

σij dV

(3.5)

V

V

where, ij and σij represent average strains and stresses. A unit volume of RVE is considered in
these expressions. It is worthwhile to note that for a general three dimensional orthotropic material
there are 9 independent stiffness coefficients. However, a 2D RVE is considered here and therefore,
there are 4 independent stiffness coefficients. These are in-plane transverse moduli E11 , E22 , shear
modulus G12 and Poisson’s ratio ν12 .
42

(a)

(b)

(c)

Figure 3.3: Prescribed loading conditions to obtain effective macroscopic modulus (a) E11 , (b) E22
and (c) G12 .
The FE homogenization is performed in ABAQUS using python scripting as presented by
[93]. The detailed description of PBC for a 3D RVE is presented in [94]. Figure 3.3 shows the prescribed loading (displacement) conditions on the RVE to obtain the corresponding effective macroscopic modulus. For 2D RVE, three macroscopic/average strains (0x , 0y , 0xy ) are prescribed on
the RVE boundary by using independent ”reference points” in ABAQUS. To impose the periodic
boundary conditions on the RVE, the two opposite paired edges are meshed identically. The periodic boundary conditions on 2D unit cell or RVE (shown in Figure 3.2(a)) are described as follows:
On the edges:
uΓ1

R+

R−

− uΓ1

= 0x

(3.6)

R−

= 0yx

(3.7)

T−

= 0xy

(3.8)

R+

− uΓ2

T+

− uΓ2

uΓ2

uΓ1

T+

uΓ2

T−

− uΓ2
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= 0y

(3.9)

On the vertices:
A
0
0
uC
1 − u1 = x + xy

(3.10)

A
0
0
uC
2 − u2 = y + yx

(3.11)

D
0
0
uB
1 − u1 = x + xy

(3.12)

D
0
0
uB
2 − u2 = −y + yx

(3.13)

These equations are introduced in ABAQUS by using *Equation keyword which groups the node
sets on edges, vertices and reference points and allows constraining the relevant degrees of freedom.
The independent reference points exist outside the RVE and give the corresponding macroscopic
strains directly and eliminate the need to obtain them by averaging strains from all elements. The
average stresses are then obtained from the resultant tractions on the RVE boundary surfaces by
dividing them by the areas of the corresponding boundary surfaces. The measured average stresses
and strains are then used to determine the components of stiffness matrix C using Eq. (3.3). The
compliance matrix S is calculated as:
S = C−1

(3.14)

The effective macroscopic modulus can be written as [94]:
1
S11
1
=
2S66

G12

3.3.3

1
S22
S12
=−
S11

E22 =

E11 =

ν12

(3.15)
(3.16)

Non-Linear Macroscopic Material Model
There are two macroscale material modeling practices for modeling polymer behavior i.e.

statistical theory and phenomenological theory [95–98]. The statistcal or kinetic theory attempts to
investigate the macromolecular chain structure of the polymers and deduces the elastic behavior by
considering an idealized model of the molecular structure. While phenomenological theory utilizes
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a continuum mechanics approach by constructing a mathematical framework such that the stressstrain analysis of the polymer behavior can be performed without considering molecular concepts.
Although statistical theory captures the fundamental behavior of polymers, it results in complex
constitutive models which are not practical to implement in FE analysis. Phenomenological theory
provides a more feasible computational modeling approach by characterizing the material behavior
in terms of strain energy functions. Recognizing that phenomenological models lack fundamental
basis, there has been several attempts to relate the phenomenological models with statistical theory
[99–101]. The simplest hyperelastic material model obtained from the phenomenological theory is
Neo-Hookean model [102], for which the strain energy function can be described as:

Ψ = C10 (I1 − 3)

(3.17)

where, Ψ is strain energy density, C10 is material constant based on molecular parameters, I1 is
first stretch invariant of Green deformation tensor. The Neo-Hookean model is significant as it is
comparable to statistical theory of rubber elasticity for which the strain energy function is given by:
1
Ψ = N kT (I1 − 3)
2

(3.18)

where, N is number of polymer network chains per unit volume, k is Boltzmann constant and T is
temperature. There are several other hyperelastic models described in the literature. For instance,
the Mooney-Rivlin model [103] is a widely recognized hyperelastic model which is a n-parameter
polynomial model and considers first (I1 ) and second (I2 ) stretch invariants. The model is suitable
for small and medium strain applications where more complex phenomenon can also be described
by utilizing higher order parameters. However, at high order parameters, the Mooney-Rivlin becomes too unstable and requires careful interpretation. The Yeoh model is a simplified MooneyRivlin model and does not consider I2 [97]. Yeoh model is easy to implement for wide range of
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deformation patterns. The strain energy function for the Yeoh model can be described as:

Ψ=

N
X

Ci0 (I1 − 3)i +

i=1

N
X
1
(J − 1)2k
Dk

(3.19)

k=1

. where, N is an integer 1,2, or 3, D is incompressibility parameter and J is the Jacobian. A more
versatile hyperelastic model is given by Ogden [104] that is widely utilized for the entire strain
range of polymer materials. The strain energy can be described as:

Ψ=

N
X
µi
i=1

αi

(λα1 i + λα2 i + λα3 i − 3) +

N
X
1
(J − 1)2k
Dk

(3.20)

k=1

where, µi and αi are material constants such that µ =

PN

i=1 µi αi

is the initial shear modulus of

material, λ1,2,3 are the principal stretches, D is incompressibility parameter and J is the Jacobian.
The key assumption of all these hyperelastic models is that polymer is homogenous and isotropic.
The fundamental basis of continuum mechanics for an isotropic, hyperelastic material is that the
strain energy density must depend on the stretch via one or more of the three invariants of stretch
tensor:
I1 = λ21 + λ22 + λ23

(3.21)

I2 = λ21 λ22 + λ22 λ23 + λ21 λ23

(3.22)

I3 = λ21 λ22 λ23

(3.23)

There are a few anisotropic hyperelastic material models developed in the literature. The
Holzapfel-Gasser-Ogden(HGO) model [105, 106] is an anisotropic hyperelastic material model
which is extensively used for modeling soft biological tissuess. HGO model was initially developed to model the behavior of arterial tissues. The material model uses three different filler families
for which the directions are specified by vectors, ai = [aix aiy aiz ]T , (i = 1, 2, 3). The strain energy
function for the HGO model consists of both isotropic and anisotropic functions which is described
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as:

Ψ = ΨIso + ΨAniso

(3.24)

where, ΨIso is the isotropic part which can use anyone of isotropic hyperelastic models discussed
earlier. Typically, either the Neo-Hookean or the Yeoh model is implemented for their simplicity.

ΨAniso =

3
k1 X
exp[k2 R(Ei )2 − 1]
k2

(3.25)

i=1

where, the parameters k1 , k2 are anisotropic material constants which refers to filler stiffness for
filler reinforced composites and R(x) is the ramp function. The energy term Ei can be described
as:
∗
Ei = d(I1∗ − 3) + (1 − 3d)[I4i
− 1]

(3.26)

where, d is the dispersion term, if d = 0, the fillers are perfectly aligned and if d = 1/3 the
∗ = (Fa ).(Fa ). While
fillers are randomly oriented to give a isotropic behavior. The invariant I4i
i
i

the hyperelastic models developed in the literature have been successfully implemented to model
various polymer and polymer composite material behavior. They can not be directly implemented
for the composite model under consideration. This is primarily because they can not capture the
microscale mechanical interlocking behavior which is important to achieve precisely tailored composites. Moreover, the thermoplastic polymer is a viscoplastic material and its behavior highly
depends on the loading rate.
In this regard, parallel rheological models have great potential as they can be designed
to capture a more complex behavior. The three network viscoplastic (TNV) is a general purpose
viscoplastic model comprises of three network chains. It is capable of describing experimentally
observed behavior of a wide range of thermoplastics such as time dependence, pressure dependence
of plastic flow, pressure dependence of bulk modulus, volumetric plastic flow, damage accumulation
and triaxiality dependent failure [22]. To model the composite laminate behavior and describe the

47

effects of design parameters at macroscopic scale under large strains, a TNV model is developed
in this work. The TNV model schematic diagram is shown in Figure 3.4. It is hypothesized that
the bulk behavior of composite is comprised of three independent material behaviors: the bulk
matrix behavior, the filler behavior and the filler/matrix interaction. The three networks of the TNV
model are designed and calibrated such that each network represents each of these independent
behaviors. The networks A and B represent the bulk polymer behavior and the interface polymer
behavior respectively. An isotropic and viscoplastic behavior is assumed for networks A and B
which is comprised of an elastic and a viscous element. Network C represents the anisotropy due
to filler inclusion and consists of an anisotropic elastic element. For networks A and B, the Yeoh
model is considered to describe the isotropic elastic strain energy because of its simplicity and
ability to capture large deformation under wide ranges of loading. To model network C, a modified
HGO model is developed to consider both filler tension and compression (more description will be
followed).

Figure 3.4: Rheological representation of the Three Network Viscoplastic model.
The total deformation gradient F acts on all three networks: F = FA = FB = FC , and
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the total Cauchy stress is given by σ = σ A + σ B + σ C . The networks A and B consists of Yeoh
hyperelasticity element [97] and a viscous flow element. The viscoplastic deformation gradient
acting on the network is decomposed into elastic (Fe ) and viscoplastic (Fv ) parts as:
F = Fe Fv

(3.27)

The Cauchy stress acting on network i is given by Yeoh hyperelastic model [97]:

σi =

2
[C10 + 2C20 (I1∗ − 3) + 3C30 (I1∗ − 3)2 ]dev[b∗i ] + [κi (Jie − 1)]I
Jie

i = AorB (3.28)

where, C10 , C20 and C30 are the Yeoh model parameters, b∗i is the Cauchy-Green deformation tensor, I1∗ = tr[b∗i ] is first stretch invariant, κ is bulk modulus of network, Jie = det[Fe ] is
the Jacobian, I is the identity tensor. Networks A and B incorporate viscous damping elements for
which the velocity gradient of viscoplastic flow is defined as:
 
v
˙
Fi = γ˙0 R

τi
fp fep τˆi



m
− 0.001 Fe−1
[Ni + bsign (tr[σ]) I] F
i

i = AorB

(3.29)

where, γ˙0 is a constant introduced for dimensional consistency, R(x) = (x + |x|)/2 is the ramp
function, τi = kdevσk is the effective stress driving the viscoplastic flow. The vector Ni refers
to the direction of the driving deviatoric stress of the relaxed configuration towards the current
configuration given as:

Ni =

dev [σ i ]
τi

(3.30)

The term bsign (tr[σ]) I gives the volumetric viscoplastic flow, where b is a material parameter, fp
gives the pressure dependence of the viscoplastic flow and fp is the yield evolution function which
determines how the flow resistance evolves with the plastic strain defined as:


fp

−p
= ff + (1 − ff )exp
f
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(3.31)

where, p is the Mises strain obtained from Fvi and ff , f are material parameters.
The network C consists of an anisotropic hyperelastic model given by Holzapfel-GasserOgden-Bergstrom (HGOB) [22] which is an extension of HGO [105, 106]. The HGOB model
implements Yeoh hyperelastic model as the polymer response alongwith filler response function.
The HGOB network can incorporate upto three different families of fillers. The directions of fillers
can be defined by defining vectors corresponding to each filler family. The strain energy function
for the HGOB network is given as [22]:

Ψ = 2f η C10 (I1∗ − 3) + C20 (I1∗ − 3)2 + C30 (I1∗ − 3)3


3
 2f η X
h
i κ

C
(J e − 1)2
f (Ei ) k̂1i exp[k̂2 R(Ej )2 ] − 1
+
+

 2k̂2
2

(3.32)

j=1

where, Ej is the energy term described earlier for the HGO model. The function f (Ei ) = (1 −
α)H(Ei ) + α, where, α specifies the normalized stiffness of the fillers in compression divided by
the stiffness in tension. If α = 0, then the fillers have no stiffness in compression, while at α = 1,
fillers are equally stiff in tension and compression. H is heavyside function, k̂1 and k̂2 are modified
HGO filler stiffness parameters given by kˆ1i = k1i .gk () and kˆ2 = k2 .gk (). The gk () is the strain
correction factor for the filler stiffnesses and is given by gk () = 1 − (1 − g0 )exp(−m /ˆ
) where
m is the Mises strain acting on the elastic element and ˆ is a transition strain constant for k, κC is
the bulk modulus of the network C, η is Mullins damage factor [22] which is deactivated for current
analysis.
Typically, to characterize the hyperelastic material behavior, an individual or a combination
of uniaxial, biaxial and shear test data is used. To characterize the TNV model, the RVE is tested
numerically under equibiaxial and shear loads under quasi-static loading conditions (Figure 3.5).
The prescibed boundary conditions are described in Eq.(3.6)-Eq.(3.13). The macroscopic strain
0x = 0y = 0.1 and 0xy = 0.1 is applied to perform equibiaxial and shear test respectively. The
numerical tests are performed using ABAQUS implicit solver for several filler volume fractions
(Vf ), penetration depths (d/R) and rod distance (h/R) as shown in Table 2.1. The unit size RVE
is considered here. The macroscopic/average stress-strain plots for various RVE configurations are
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obtained for both equibiaxial and shear tests. For each RVE configuration, three average stressstrain curves are obtained, stress-strain curves along X-axis and along Y-axis when subjected to
equibiaxial loading and one shear stress-strain curve in xy plane from the shear loading. These
stress-strain curves are used to calibrate the TNV material model. The calibration is performed by
running a multivariate optimization in the Mcalibration software.

Figure 3.5: Equibiaxial and shear characterization tests.

3.4
3.4.1

Results and Discussion
Linear Elasticity Model
The microstructural RVE model is homogenized by applying the PBC and macroscopic be-

havior is determined for several configurations of the interface. To carry out the parametric study,
the rod radius R = 0.013mm and RVE size (unit length) is kept constant. The non-dimensional
geometric parameters Vf , d/R, and h/R are then varied (refer Table 2.1) to obtain different combinations of the interface configuration. First, the effect of interface configuration on the effective
macroscopic modulus is determined. The linear elastic behavior is modeled as mentioned earlier
and the simulations are carried out by applying a small strain of  = 0.01.
Figure 3.6 shows the deformed 2D plane strain RVE when subjected to transverse loading
along Y and X axis and shear loading. It is important to note here that the deformation scale factor
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(a)

(b)

(c)

Figure 3.6: RVE deformation under (a) transverse loading along Y-axis (b) transverse loading along
X-axis and (c) shear loading (XY) (deformation scale factor = 5)
of 5 is used here for illustration purpose. The glass film is oriented along the Y-axis which provides
significant resistance against any deformation along Y-direction. As a result, it is observed that the
effective transverse modulus E22 almost remains constant with change in d/R or h/R, and is only
affected by the change in Vf . The interlocked region plays important role in tensile loadings along
the X-axis and shear. For the case with transverse loading along X-axis, the thin polymer layer
between the two successive glass rods is squeezed out. At higher rod depths (d/R), the glass rods
are deeply embedded into the polymer and more polymer infiltrates the cusp region. As a result,
upon loading at increased d/R, the thin polymer layer stretches further, before slipping over the
glass surface. This results in an increased modulus E11 . More importantly at rod depths d/R < 0.5,
glass rods offer no resistance to polymer slippage and modulus E11 becomes zero. Furthermore,
with an increase in the rod distance (h/R), the distance between two successive rods increases.
Thus, a thicker polymer layer exists between two successive rods and deformation under transverse
loading (along X-axis) becomes localized to region near glass rod. This reduces the overall stiffness
of the interface as a result, E11 reduces. The effect of mechanical interlocking on the shear modulus
G12 is affected by all three design parameters Vf , d/R and h/R. It is observed that even for a
configuration with weak mechanical interlocking such as at d/R = −0.5 and h/R = 16/3, the
G12 reaches almost 80% of the G12 of that of a perfectly bonded interface. With increase in d/R,
G12 increases and converges at higher penetration depths. Further, the effective Poisson’s ratio ν12
is affected by all three design parameters. The effect of Vf is largest on the ν12 which decreases
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exponentially with increase in Vf .
3.4.1.1

Analytical models of the elastic constants
In this section, the relationship between the design parameters Vf , d/R and h/R and the

effective macroscopic modulus is determined. Several numerical simulations are performed on the
RVE using the FE homogenization method and the effective macroscopic modulus are evaluated.
Thereafter, a multivariate regression analysis is carried out on the numerically generated data sets.
The analytical relationship between the effective macroscopic modulus and the design parameters
is obtained.
The effective transverse modulus E11 :

E11 = log

3d
R


(C1 exp(−h/R) + C2 exp(−Vf ) + C3 exp(−hVf /R)C4 )

(3.33)

where, C1 = −67957.22, C2 = 5036.23, C3 = 1.2X105 and C4 = −3409.80.
The effective transverse modulus E22 :

E22 = C1 e

h/R

   2
d
d
+ C2 sgn
+ C3 V f + C4
R
R

(3.34)

where, C1 = 1293.52, C2 = −47.68, C3 = 7.26X104 and C4 = 192.23.
The effective shear modulus G12 :

G12



h
d
= C1 + C2 log 1 +
+ C3 Vf + C4
R
R

(3.35)

where, C1 = −0.55, C2 = 9.90, C3 = 88.56 and C4 = 57.19. The units of coefficients are GPa
and the coefficients depend on the constituent material behavior.
The effective Poisson’s ratio ν12 :

ν12

 
 
d
h
+ C2
+ C3 exp(−Vf )
= C0 + C1
R
R
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(3.36)

where, C0 = −0.20, C1 = −0.018, C2 = 0.085, C3 = 0.34. In the Figure 3.7, scattered plots
of effective modulus E11 , E22 and G12 are presented which shows a good correlation between
FEM prediction and regression model prediction. It is important to note that the Eq. (3.33)-(3.35)
are valid for h/R ∈ [8/3, 24/3], d/R ∈ [−0.5, +0.9] and Vf > 0 while Eq/ (3.36) is valid for
d/R ∈ [0.5, 0.9].

Figure 3.7: Scattered plot of effective modulus E11 , E22 , G12 and ν12 showing difference between
FEM and regression model predicted values

3.4.2

Non-Linear Macroscopic Model
As mentioned earlier, to model the non-linear behavior a TNV model is calibrated by per-

forming numerical equibiaxial and shear tests. Figure 3.8(a) and (b) shows the true stress - true
strain plot along the X-axis and Y-axis under equibiaxial loading for a geometric configuration with
Vf = 30%, h/R = 8/3 and d/R = 0.9. Since the glass film is aligned along Y-axis, it predominantly effects the deformation along this direction. Thus, a linear stress strain behavior along
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Y-axis is observed. However, along the X-axis, during the initial loading the polymer layer in the
interlocked region stretches and slips along the rod surface resulting in a non-linear behavior. The
non-linear behavior exists till A beyond which the polymer layer starts slipping out from the interlocked interface. Beyond A, the load carrying capacity reduces and stress drops untill location B. At
B point, a localized damage occurs where one layer of polymer gets squeezed out completely. However, at this point mechanical interlocking is still intact at other locations and as a result no drop is
observed in the load carrying capacity along the Y-axis. Figure 3.8(c) shows the progressive deformation of the interface at the onset of damage (location A), localized damage (location B) and final
detachement of the two layers (location C). While, the damage behavior discussed here is not incorporated in the development of the TNV material model, only the macroscopic stress-strain behavior
presented till A is considered. However, it is worthwhile to note that the developed TNV material
model can be further extended to predict the damage by calibrating the Mullins damage parameter
η. Furthermore, since it is observed that there is no interlocking effect along the transverse direction
at d/R < 0.5 i.e., effective transverse modulus E11 = 0 at d/R < 0.5 as mentioned earlier in
the linear model. Therefore, the equibiaxial and shear tests are carried out for d/R ∈ [0.5, 0.9] to
calibrate the non-linear model.

3.4.2.1

TNV Model Calibration
To accurately capture the effect of interface configuration on the non-linear macroscopic

behavior of laminate the TNV model needs to capture the bulk matrix response, the interface polymer behavior and glass film response at the macroscale. Therefore, it is hypothesized that the three
networks of TNV model can represent these three individual responses. To test this hypothesis, a
large number of simulations were carried out systematically: defining three non-dimenional parameters and constructing corresponding unit cell, computing macroscopic stress-strain curves of the
equibiaixal and shear tests, using least squares regression to fit the curves and calibrate the TNV
model parameters and observe how the network parameters change. To calibrate the TNV model,
13 material model parameters are used which are listed in Table 3.1. Networks A and B both com55

(a)

(b)

(c)
Figure 3.8: True stress-strain curve (a) along X direction and (b) along Y direction under biaxial
loading (c) progressive deformation of the interface
prises of four parameters. C10 is the first order Yeoh parameter in first stretch invariant I1 , κi is the
bulk modulus of corresponding network i, τ̂ is the flow resistance of the network and m is the stress
exponent. These parameters are defined by the Eq. (3.28)-(3.29).
If Vf is kept fixed, it is observed that the stress-strain curves for different h/R and d/R can
be represented by adjusting the parameters of Network B while keeping the parameters of Network
A and C constant. This is illustrated in Figure 3.9 where a design configuration with constant
Vf = 30% is presented. In Figure 3.9(a) (top) the average stress-strain curve is calibrated for
three different penetration depths d/R = 0.5, 0.7, 0.9. In Figure 3.9(a) (bottom), the calibrated
TNM parameters are listed corresponding to each d/R. It can be seen that by only changing the
parameters of Network B, a good correlation between FEM simulations and TNM model prediction
can be obtained. Similarly, in Figure 3.9(b), the calibration results are presented for three different
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rod distances h/R = 8/3, 10/3, 12/3. This clearly indicates that Network B captures the interface
behvior.

(a)

(b)

Figure 3.9: Illustration of interface behavior captured by Network B (a) change in penetration depth
and (b) change in rod distance
In other scenario, if d/R and h/R are kept constant, and only Vf is changed, it is observed
that the parameters of Networks A, B and C are all affected. The stiffness constants of Network A
decreases as Vf increases, indicating that Network A describes the bulk polymer behavior. Simultaneously, the stiffness constants of Network C increases as Vf increases, the anisotropic behvior
of the stiffness parameter is consistent with the glass film direction, therefore, Network C describes
the glass film’s contribution to the composite material.
For network A, the parameters C10 and κA represent the polymer bulk stiffness and modulus and therefore has inverse relationship with Vf . While τ̂ and m are constant as they are affected
by change in strain rates. For network B, each material parameter is affected by all three design
parameters. The Yeoh parameter C10 can be compared to the molecular parameters of the statisti57

cal theory and is proportional to the number of molecular chains per unit volume [97]. Therefore,
C10 directly depends upon the volume of polymer layer within the interlocked region. With an
increase in d/R, the volume of polymer layer reduces and thus C10 reduces. Similarly, increasing
h/R results in thicker polymer layer at the interface and thus C10 increases. The bulk modulus κB
measures overall stiffness of the interface polymer layer. With an increase in d/R, the glass rods
are embedded further into the polymer layer and therefore offers higher resistance to any polymer
stretch upon loading. Therefore, the bulk modulus κB increases with an increase in d/R. Similarly,
at increased h/R, although thick interface polymer layer exists at interface, the deformation occurs
at a localized region near the vicinity of the interface and polymer layer majorly provides cushioning
effect as mentioned earlier. This reduces the overall stiffness and therefore, κB . The flow resistance
of network B, τ̂ is expressed in Eq. (3.29) represents the shear resistance of the interlocked interface. The shear resistance refers to the resistance to slippage of polymer layer over the glass film
surface. As discussed earlier, with increased d/R glass rods are anchored deep into the polymer
hence resisting polymer slippage and thus results in increased τ̂ . For similar reasons, increasing
h/R reduces τ̂ . As observed for network B, the change in volume fraction also affects the interface
polymer behavior. As Vf reduces, the bulk polymer layer within a unit RVE increases. Upon loading, the bulk polymer layer offers higher resistance to deformation especially along the transverse
direction and the molecular chain stretch within the polymer layer at the interface is relaxed by the
bulk material under quasi-static conditions. This lowers the strain energy of the interlocked polymer layer. As a result, a decrease in Vf , increases κB and reduces C10 . Similarly, the shear flow
resistance, τ̂ is also directly dependent upon the Vf and it reduces with Vf .
Network C consists of five material parameters. The network consists of Yeoh first and second order parameters C10 and C20 and bulk modulus κC which represents the transverse behavior
of the bulk material. These parameters are empirically fitted and set to control any deviation in the
transverse direction. More importantly, the network C models the anisotropy due to glass film stiffness and orientation. The glass film stiffness parameters represented by k11 and k2 are defined for a
single film family which has principle direction along Y-axis. The second film stiffness parameter
k2 is kept constant. The parameters for network C are defined in Eq. (3.32). The effect of design
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parameters d/R, h/R and Vf on each material parameter is also summarized in Table 3.1.
Table 3.1: TNV model parameters
Parameters Description
Network A (Bulk matrix)
C10
Yeoh parameter first order in I1
κ1
Bulk modulus
τ̂
Flow resistance of the network
m
Stress exponent
Network B (Interface)
C10
Yeoh parameter first order in I1

Effect of design parameters
Increase with decrease in Vf
Increase with decrease in Vf
Constant
Constant

• Decrease with increase in d/R
• Decrease with decrease in Vf
• Increase with increase in h/R
κ1

Bulk modulus
• Increase with increase in d/R
• Increase with decrease in Vf
• Decrease with increase in h/R

τ̂

Flow resistance of the network
• Increase with increase in d/R
• Decrease with decrease in Vf
• Decrease with increase in h/R

m
Stress exponent
Network C (Filler)
C10
Yeoh parameter first order in I1
C20

Yeoh parameter second order in I1

κ1
k11
k2

Bulk modulus
Filler stiffness parameter 1
Filler stiffness parameter 2
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Constant
Fitted to control any deviation in transverse behavior
Fitted to control any deviation in transverse behavior
Decrease with decrease in Vf
Decrease with decrease in Vf
Constant

3.4.2.2

Analytical description
To analytically describe the aforementioned relationships between the design parameters

Vf , d/R and h/R and the TNV model parameters, a regression analysis is conducted on the numerically obtained data sets. It is important to note that three design parameters are non-dimensional
and therefore the derived analytical expression gives the characteristic behavior. The relationships
are described as follows.
For Network A, the material parameters are dependent only on the material volume. The
numerical test data was plotted and a general trend was studied. It is observed that the parameter
C10 has an inverse and linear relationship with Vf , while the bulk modulus of the polymer κ1
exponentially decays with increase in Vf . The relationships were obtained as:

C10 = A0 − A1 Vf

(3.37)

κ1 = A2 exp(−A3 Vf )

(3.38)

τ̂ = 3742.85MPa

(3.39)

where, A0 = 51.70MPa, A1 = 118.27MPa, A2 = 945.57MPa, A3 = 9.92.
For Network B, as mentioned earlier the material parameters depend on all three design
parameters. Therefore, analytical relationship is derived by first observing the effect of individual design variable on the network parameter. Consequently, two different analytical functions
were tested to define the relationship which are (a) F = f1 (d1 ) + f2 (d2 ) + f3 (d3 ) and (b) F =
f1 (d1 ).f2 (d2 ).f3 (d3 ) where, F represents the material paramater function, f refers to individual
function for design variable di . The two functions were used to perform regression analysis. It is
observed that the multiplicative function would give better approximations with high confidence.
Therefore, it was selected and following expression were obtained.
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 B1 

d B2
h
1+
(1 + Vf )B3
C10 = B0
R
R
 B5 

h
d B6
κ1 = B4
1+
(1 + Vf )B7
R
R
 B9 

h
d B10
τ̂ = B8
1+
(1 + Vf )B11
R
R

(3.40)
(3.41)
(3.42)

where,

B0 = 14.41MPa, B1 = 2.68, B2 = −0.94, B3 = 3.87

(3.43)

B4 = 371.46MPa, B5 = −1.43, B6 = 4.10, B7 = −3.16

(3.44)

B8 = 33.08MPa, B9 = −2.06, B10 = 5.10, B11 = 5.18

(3.45)

and stress exponent of network A and B is m = 1.
The Network C describes the glass film behavior and defines the anisotropy in the material
model. The glass film stiffness parameter k11 is directly dependent on the Vf and therefore a linear
relation is expressed as:

k11 = C0 + C1 Vf

(3.46)

k2 = 0.05

(3.47)

where, C0 = 831.31MPa and C1 = 70923.30MPa. Figure 3.10 shows the scattered plot of TNV
parameters of networks A, B and C. The plot shows a good correlation between the FEM and
regression model predicted values.

3.4.3

Non-Linear Macroscopic Model Validation
The TNV model developed is validated by testing a cantilever beam that exhibits a non-

linear deformation under large strain. The FE model comprises of three glass layers which are mechanically interlocked with the polymer matrix. To validate the material model, the cantilever beam
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Figure 3.10: Scattered plot of different TNV parameters showing difference between FEM and
regression model predicted values of each of the three networks
Table 3.2: TNV model parameters with analytical description
Parameters Analytical description
Network A (Bulk matrix)
C10
A0 − A1 V f
κA
A2 exp(−A3 Vf )
τ̂
Constant
m
Constant
Network B (Interface)

B2
h B1
C10
B0 R
1 + Rd
(1 + Vf )B3
κB

B4


h B5
R

1+


d B6
R

τ̂

B8


h B9
R

1+


d B10
R

(1 + Vf )B7
(1 + Vf )B11

m
Constant
Network C (Filler)
k11

C0 + C1 V f

k2

Constant

Coefficients
A0 = 51.70MPa; A1 = 118.27MPa
A2 = 945.57MPa; A3 = 9.92
3742.85MPa
1
B0 = 14.41MPa, B1 = 2.68, B2 =
−0.94, B3 = 3.87
B4 = 371.46MPa, B5 =
−1.43, B6 = 4.10, B7 = −3.16
B8 = 33.08MPa, B9 = −2.06, B10 =
5.10, B11 = 5.18
1
C0 = 831.31MPa and
C1 = 70923.30MPa
0.05
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was modeled using both micromechanical modeling and macromechanical modeling approaches.
The force-deformation response of the two models under similar loading conditions was measured
and compared. The micromechanical model is constructed with constituent level material modeling (with microfeatures). In the macromechanical model approach, a homogenous cantilever beam
(with no microfeatures) is constructed with a macroscopic TNV material model.
For model validation, two test cases are setup for which the schematic diagram is shown in
Figure 3.11. The nodes of the bottom edge of the cantilever beam are constrained in all degrees of
freedom. In the first test case, the top edge of cantilever beam is pushed slightly along the X axis
by applying a force of 10N. The top edge is meshed with 100 nodes and the boundary load of 0.1N
is prescribed on each node of the top edge. No other constraint was imposed on the nodes of the
top edge. The linear load case is run at d/R = 0.9 and h/R = 8/3 for two different filler volume
fractions Vf = 40% and Vf = 10%. A similar test is performed with homogenous cantilever beam
using TNV material model.
In the second case, a thin rigid plate is bonded to the free edge of cantilever beam and a load
of 100N is applied along X-axis such that shear deformation can be obtained. In ABAQUS, typically
an independent ”reference point” is defined at the geometric center of the rigid plate to govern the
rigid body motion. The boundary loads are then prescibed by defining a concentrated force of 100N
at the reference point. In addition, the displacement constraint is applied to the reference point
to restrict both the vertical translation (Y-axis) and rotation about Z-axis. To simulate the similar
deformation behavior for homogenous cantilever beam, the top edge is constrained along the vertical
direction such that shear deformation can be ascertained.
The force displacement plot for the first case is shown in Figure 3.12(a). On comparison
the curves obtained from micromechanical modeling and macromechanical modeling shows a good
agreement for both Vf = 40% and Vf = 10%. The deformed plot is also shown and compared in
Figure 3.12(b) for Vf = 40% with a closer view of polymer detachement. Since the macroscale
model does not predict failure therefore the simulation is terminated at the relevant displacement
for comparison. The non-linear validation is conducted at Vf = 40%. The force displacement
plot is presented in the Figure 3.13(a) and deformed cantilever beam is shown for both cases. It
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Figure 3.11: FE model setup for two cases of validation run
can be seen that a good correlation is obtained. The delamination and detachment failure is also
shown for the micromechanical model which is not predicted by the current material model and the
macromechanical analysis is restricted till the non-linear deformation region.

(a)

(b)

Figure 3.12: FE model validation linear load: (a) force vs displacement plot and (b) deformation
plot at Vf = 40% comparing micromechanical model with macromechanical
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(a)

(b)

Figure 3.13: FE model validation non-linear load: (a) force vs displacement plot and (b) deformed
beam for both cases
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Chapter 4

Mechanical Analysis of Thermoformed
RTPC using Manufacturing to Response
Pathway
4.1

Background
The automotive industry has witnessed a remarkable shift in materials in the past few

decades. For instance, the usage of polymers and discontinuous fiber reinforced polymer composites for aesthetic and non-structural applications have increased from 9 kg per car in the 1960s to 162
kg in 2010 [2]. Over the past decade, the industry has seen increased interest in adopting thermoset
based continuous carbon fiber reinforced polymer (CFRP) composites for structural applications
[107–111]. For example, recently BMW i3 used carbon fiber based thermoset composite material
for their Body-in-White (BiW) which is manufactured using high pressure resin transfer molding
(HPRTM). These thermosets based CFRP’s while being extremely stiff, suffer from a variety of
challenges such as relatively higher cycle times, non-recyclability, increased capital expenditure for
HPRTM equipment and its brittle behavior. A new and upcoming alternative to this paradigm that
has gained enormous attention from researchers and industry alike is the use of continous FRTPC
processed using the thermoforming or compression molding route [37, 112]. This is primarily in part
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due to the numerous benefits of this approach including: (i) shorter cycle time, (ii) recyclable material, (iii) compatible to existing stamping line (only minor modifications are required), (iv) higher
ductility [113]. As the development of continuous FRTPC structures or structural components can
be accelerated by using computational engineering approaches, design optimization [23, 24] or
manufacturing optimization [25, 26] studies have been conducted on FRTPC composites. It was
shown that optimal strength and impact performance or optimum processing window for parameters such as stamping pressure, velocity, temperature and degree of crystallinity can be achieved.
Nevertheless, while these analyses and optimizations are useful for their specific purposes, they are
largely isolated and disconnected from each other. Such compartmentalized approaches have a fundamental drawback in the design and optimization of FRTPC structures. This is due to the fact that
the material properties and mechanical behavior of FRTPC is intrinsically coupled with the thermoforming/compression molding process, leading to inhomogeneous fiber orientations, thickness
variations, and residual stresses in the formed FRTPC structures. These process induced effects can
have significant influence on their mechanical response [27, 114–116]. For example, fiber reorientations and the resulting changes in material properties have shown a considerable impact on static
structural performance [27, 114, 115] In another study, cooling rate which directly influences the
magnitude of residual stresses generated in the formed part was shown to have effect on the mechanical performance [116]. Therefore, in order to develop high performance, high quality FRTPC
structural components, an integrated design and manufacturing optimization approach is required.

Such an integrated approach can be achieved by first establishing a relationship between
the manufacturing process and mechanical response of the structure, and successively, optimizing
the manufacturing process parameters to achieve the desired targets. This requires the development
of a pathway (or CAE chain) comprising of computational models for all the process steps which
are validated with experiments at coupon and structural level. To this end, a few attempts have been
made to connect the design, manufacturing and structural simulation steps in series, by developing
virtual process chains (CAE chains) and mapping methods [27–29]. However, the recent publications implementing these methods have failed to consider some of the relevant effects or steps of
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the manufacturing process. For example, Kärger et al. [29] developed a comprehensive CAE chain
for the RTM process of thermoset based composites which involves draping, molding and structural
analysis steps, but it lacked curing simulation, which is a vital part of modeling the physics of the
RTM process. It is important to note that a complete CAE chain would involve curing simulation
in case of thermoset processing and cooling simulation in case of thermoplastic processing. In a
separate study, Hsiao et al. [117] developed a FE model to determine the effect of both forming and
cooling process on FRTPC. While the process induced effects such as thickness distribution, fiber
orientation and residual stress development are presented for various part shapes, they did not investigate the effects of these results on the structural response. A notable contribution has been made
by Jayasree et al. [31] employing extensive simulation and experimental methods to study a hybrid
(forming + injection molding) molding process. Their model involves FE analysis, experimentation
and validation at each level i.e. coupon level, structural level and system level based on a “Building
block approach” developed by NASA [32]. At structural level, process induced effects are included
to determine the structural response. However, in their work, cooling induced residual stresses are
not incorporated which can significantly affect the response of the thermoformed structure under
static and dynamic loading. Specifically, for the thermoforming process of CFRTPs, a pathway that
considers all the relevant process steps i.e. thermoforming, cooling and structural analysis is not yet
developed.

This work establishes a complete manufacturing-to-response (MTR) pathway for end-toend analysis of thermoformed continuous carbon fiber reinforced Polyamide 6 (PA6) composite
structure. This pathway comprises of numerical simulation of thermoforming process of CFRTP
composites and their experimental validation from coupon to structural level which is carried out in
five process steps described in the following section. The MTR pathway contributes towards building confidence in process simulations which will reduce product development time of CFRTP based
structures and lead to their widespread adoption in the future. To the best of the authors’ knowledge this is the first synergistic experimental and numerical approach that wholly captures process
induced effects and its impact on static and dynamic mechanical performance. In this chapter first,
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a detailed description of the proposed MTR pathway is provided. Second, the modeling and numerical simulation steps in the pathway are described. Third, experimental procedures adopted for
material characterization as well as the thermoforming and mechanical tests are detailed. Finally,
results and discussions are presented.

4.2

Manufacturing-to-Response Pathway
The general framework of the MTR pathway consists primarily of five process steps as

shown in the Figure 4.1. These are as follows: 1) material characterization at coupon level and
material card (MAT card) generation for thermoforming simulation and mechanical analysis, 2)
thermoforming simulation and experimental validation at structural level, 3) experimental and numerical cooling analysis followed by residual (skin/core) stresses analysis, 4) mapping of process
induced effects and 5) mechanical performance evaluation and experimental validation at structural
level.

In the first step, material properties at the coupon level are experimentally characterized.
These properties are used to generate material cards for performing numerical simulations such as
thermoforming and cooling simulation, residual stresses analysis and mechanical analysis. Typically, thermoforming process is carried out at a temperature above the melting point of the resin.
Thus, material testing at coupon level is conducted above the melt temperature of PA6 ( 220C) to
determine tensile and shear mechanical properties. The thermal characteristics of the material such
as thermal conductivity and coefficient of thermal expansion are determined for cooling analysis
and residual stresses calculation. Finally, room temperature tensile and compression tests are carried out to obtain the mechanical properties to perform static and dynamic mechanical analysis.
The second step of the pathway comprises of thermoforming experiments and simulations. The
thermoforming experiments are conducted at near isothermal conditions. Thermoforming simulations are performed using the material card developed in Step 1. The changes in fiber orientations
and thickness variations obtained from the simulations are validated with the experimental results in
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Figure 4.1: Manufacturing-to-response (MTR) pathway.
this step. The third step consists of quench cooling experiment, FE cooling analysis and calculation
of cooling induced residual stresses. In this step, the thermoformed structure is first quench cooled
to room temperature by using forced flow cooling and the temperature evolution of tools during
cooling is recorded. These cooling curves are used as an input boundary condition to carry out the
transient cooling FE analysis. The spatial temperature distribution and evolution are obtained for
the thermoformed composite structure from the FE cooling analysis, which is then used as an input,
70

to compute the cooling induced residual stresses. In the fourth step, the predicted residual stresses,
thickness variations and fiber reorientations are incorporated into the static and dynamic FE setup,
by using a mapping procedure. The last step of the MTR pathway involves numerical evaluation
of the mechanical response under the static and dynamic loading conditions which is validated by
the experimental tests. In this study, a quasi-static three-point bend test is considered to validate
the process induced effects on the mechanical response by comparing the deformation, stresses and
failure characteristics.

4.3

Experimental Setup for Material Characterization and Model Validation
The material considered for the present work is a 1.97mm thick consolidated sheet, com-

prising of 2/2 twill carbon fabric polyamide 6 (PA6) composite, supplied by Bond Laminates, a
subsidiary of Lanxess. The fiber content by volume is 50 wt.%. Considering the balanced weave of
the material, in-plane properties are assumed to be equivalent in the warp and weft directions.

4.3.1

Material characterization for thermoforming analysis
High temperature (>220C) tests are conducted in 0/90 and +45/-45 orientations for which

samples are waterjet from the pre-consolidated sheets received from the supplier. Test samples in
0/90 orientation measure 180mm in length, 25mm in width and 1.97mm in thickness, while samples
in +45/-45 orientation measure 250mm in length, 25mm in width and 1.97mm in thickness. The
furnace is allowed to equilibrate at 264C, samples are placed in with a thermocouple and tests are
carried out once the sample reaches 264C. As per ASTM D 3039, a crosshead speed of 5 mm/min
is used on at least 5 samples.

The method used for tensile testing of the +45/-45 orientation samples at high temperature
is termed as bias-extension test. A normal force vs displacement plot is obtained from the biasextension test (see Appendix A1), which is converted to shear stress vs shear angle plot. The
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(a)

(b)

Figure 4.2: Composite specimen under the bias-extension test (a) undeformed and (b) deformed
configurations (after Lebrun et al. [118]).
process is illustrated herein. Consider the specimen under a bias-extension test, with three zones
of deformation as shown in Figure 4.2. The zone A largely remains undeformed during the test
while the zone B undergoes both tensile and shear deformation. The zone C undergoes pure shear
deformation which is used for determination of shear characteristics of the composite material. The
angle θo = 45o is the initial configuration of zone C while θ defines the deformed angle. The shear
angle γ in zone C can be expressed as [119]:
o

o

−1

γ = 90 − 2θ = 90 − 2 cos
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(4.1)

where, L0 = H − W , H is the initial height and W is the initial width of the specimen, δ
is the displacement recorded during test. The normal force obtained from the bias-extension test is
converted to normalized shear force by applying a normalization technique proposed by Harrison
et al. [120] fir rate-dependent materials. The normalized shear force as a function of shear angle is
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given as [119]:

Fsh (γ) =

where X =
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(4.2)


. The shear force is divided by the thickness (1.97mm) of the

specimen to give the shear stress. The high temperature (HT) shear modulus is thus calculated from
the shear stress-shear angle plot.

4.3.2

Material characterization for thermoforming analysis
The thermal properties including thermal conductivity, specific heat capacity and coefficient

of thermal expansion (CTE), are experimentally determined for the carbon/PA6 composite material.
Thermal conductivity of composite samples is measured as per ASTM D 7984 using a Therm TCi
TH91-13-00703 instrument. Three tests are performed on the samples having dimensions 8mm
(length) X 8mm (width) X 1.97 mm (thickness). Specific heat capacity is determined in accordance
with ASTM, E 1269 on three circular composite samples (6mm diameter and 1.97mm thickness).
The tests are performed on a DSC Q 20 (TA instruments). Sapphire standard, empty pans and
composite samples are tested from 20C to 60C at a ramp rate of 10 C/min under nitrogen atmosphere
and an average result of three samples are reported in Table 4.1. CTE is determined by conducting
the probe expansion measurement on a TMA Q 400 (TA instruments). Measurements are performed
on samples having a size of 8mm (length) × 8mm (width) × 1.97mm (thickness). Three samples are
tested from -30C to 60C at a ramp rate of 10 C/min under nitrogen atmosphere. An average CTE
value in both the warp and weft directions is determined to be 6.85e-6 /C. The thermal properties
experimentally obtained are listed in Table 4.1. It is important to note that viscoelastic effects are
dominant above glass transition temperature of PA6 (Tg = 60C). These effects are not considered in
the present work. As a result, the thermal properties such as specific heat and CTE are measured up
to 60C.
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Table 4.1: Material properties for cooling analysis
Property
Density (kg/m3 )
Specific heat (J/kgK) at 25C
Specific heat (J/kgK) at 45C
Specific heat (J/kgK) at 60C
Thermal conductivity (W/mK) at 25C

4.3.3

Carbon/PA6
1430
1206.65± 24.57
1304.96± 21.36
1364.76± 18.64
0.682± 0.001

6061-T6 Al [121]
2700
896

167

Material characterization for mechanical analysis
Material characterization is conducted in tension, compression and shear using appropriate

standards. Tensile tests for the 0/90 are performed in accordance with ASTM D 3039. Compression
tests are carried out for the 0/90 and +45/-45 samples in accordance with ASTM D 6641. Samples
with the following dimensions: 140mm (length), 13mm (width) and 1.97mm (thickness) for 0/90
and 150mm (length), 25mm (width) and 1.97mm (thickness) for +45/-45 orientation are waterjet.
A uniaxial strain gauge is bonded on each side of the sample in order to measure the strain on both
sides to ensure there is no buckling. All compression tests are performed on a combined loading
compression (CLC) fixture on an Instron 5985 universal testing machine with a 250kN 2580 series
static load cell using a crosshead speed on 1 mm/min. The material properties obtained from the
tests are listed in Table 4.2.
Table 4.2: Mechanical properties for woven Carbon/PA6 composite
Property

Tension 0/900
Compression
0/900
Tension 450
Compression 450

4.3.4

Stress
Failure
(MPa)

at

Strain
at
Failure(%)

Young’s
Modulus
(GPa)
55
50.08

Shear Modulus (GPa)
NA
NA

303

0.836
0.631

NA
NA

1.783
1.4

131.48
70.4

45.47
31.93

Experimental tests for model validation
The MTR pathway presented in this study is validated by first fabricating a composite hat

structure using the thermoforming process and then by performing mechanical tests. The exper74

imental measurements are then compared with the numerical results. The experimental tests are
discussed here.

4.3.4.1

Hat section fabrication (thermoforming setup)
The thermoforming setup consists of two forming tools (punch and die) and the blank holder

apparatus accommodated in a thermal chamber shown in Figure 4.3(a). A rigid steel frame is
constructed to hold the composite sheet (blank) with the help of binder tabs of size 70mm X 38mm
at four locations. The sheet is held in place with an initial blank holder force of 70N. All forming
tests are carried out on Instron 5985 universal testing machine with a 250kN 2580 series static
load cell. Tests are carried out using a crosshead speed of 5kN/min speed till the pre-set load of
22kN is reached. The entire set up including the frame, blank and forming tools are placed in
the furnace, thermocouples are placed on the punch, die, blank and the furnace is heated to 264C.
The thermocouple readings for the tools and the blank recorded using an e-DAQ during heating
phase are shown in Figure 4.4. The blank is thermoformed to a hat structure at close to isothermal
conditions within the narrow forming window (Figure 4.4). After the thermoforming process, the
entire set up is then cooled via forced convection till the hat structure reaches 100C. Subsequently,
liquid nitrogen is injected through copper cooling channels in the tool in order to quench cool the
formed structure to room temperature. The thermocouple readings for punch, die and hat structure
during cooling phase are shown in Figure 4.4. The intent of quench cooling is to demonstrate
the effect of cooling rate of the tools on the formation of residual stresses in the structure. Since
the thermocouple measuring hat structure temperature is not placed between the punch and die,
its cooling data does not provide accurate temperature evolution in the formed hat structure. As
a result, the hat structure cooling data cannot be used directly for residual stress determination.
Nevertheless, the thermocouple measurement serves as a useful reference to initiate and stop the
thermoforming process when the desired temperature values are reached. The cooling channels (see
Figure 4.3(b)) are constructed in such a way that the hat structure does not come in contact with the
liquid nitrogen, any cooling seen on the material is due to conduction from the punch and die tools.
The fabricated hat structure has a width of 75 mm and length of 145 mm, the hat cross section view
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and side view is shown in Figure 4.3(b).

(a)

(b)

Figure 4.3: (a) Thermal chamber equipped with thermocouple data acquisition system and liquid
nitrogen cooling for thermoforming tests, material handling system with binder tabs holding the
blank. (b) thermoforming setup showing copper cooling channels, thermocouple locations and thermoformed hat structure in cross section view and side view.

Figure 4.4: Thermocouple data for punch, die and blank during thermoforming process showing
heating, forming and cooling phases
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4.3.4.2

Three-point bend test
The hat structure samples are adhesively bonded to a 0.5mm thick woven carbon/PA6 com-

posite sheet using the Plexus MA530 adhesive material as shown in Figure 4.5(a). The experimental
setup for the quasi-static three-point bending test with the bonded hat structure is shown in Figure
4.5(b) which consists of two supports with the span of 119.3mm and a punch. The tests are carried out on Instron 5985 universal testing machine with a 10kN 2580 series static load cell using a
modified 2810 series flexure fixture from Instron. The three-point bend tests are conducted on three
samples with the crosshead speed of 1 mm/min.

(a)

(b)

Figure 4.5: (a) Dimensions of bonded hat structure (b) Experimental setup for 3-point bend test
showing the bonded hat structure, supports and punch.

4.3.4.3

Dynamic Tests
The formed hat structures are secured in an aluminum enclosure as shown in Figure 4.6

using aluminum constraints. The experimental setup for these dynamic tests consists of two constraints that are 20mm long and a 1-inch diameter punch having an overall weight of 3.1kg, The tests
were carried out on a Lansmont Corporation cushion testing machine equipped with a 2000 g PCB
accelerometer TP3 data analysis software, Olympus i-Speed 3 high speed camera. The dynamic
tests are conducted on three samples with an average drop speed 4.3 m/s.
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Figure 4.6: Experimental setup for dynamic tests showing the constrained hat structure, support,
constraints and punch.

4.4

Modeling pathway
The FE model for thermoforming process is developed to reproduce the experimental setup.

The thermoforming simulation process is broken down into two steps. In the first step, thermoforming simulations are performed using material properties for the blank at forming temperature
(264C). In the second step, the cooling analysis is performed in closed mold till room temperature condition is reached. The heat transfer analysis through the hat structure and development of
thermal stresses during the cooling process is modeled and simulated as two stages of the cooling
step.

4.4.1

Thermoforming simulation
The FE setup to perform thermoforming simulation is shown in Figure 4.7, which consists

of punch, die and four binder tabs to hold blank similar to experiments. The hat structure has a
length of 145mm and the blank has a length of 297mm as shown in Figure 4.7(a). The radius
of curvature of hat structure is 9.18mm with a width of 75mm, while blank width is 210mm as
shown in Figure 4.7(b). The punch, die and binder tabs are modeled as rigid bodies using thin shell
elements. The blank is oriented in 0/90 configuration with respect to the punch and die. Four pairs
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of binder tabs are used to support the blank of which four tabs below the blank are fixed. Each
binder tab above the blank (visible in Figure 4.7(a)) applies a constant load of 70N on the blank
(along Y-axis) to hold it in place during forming. To form the blank, the punch travels towards the
die till the mold closes completely. The interface between the tools and the blank is modeled as a
penalty-based friction contact. The coefficient of friction of 0.2 is selected from a narrow range of
values reported previously for forming simulations [122, 123].

Figure 4.7: (a) Finite element model for forming simulations showing components namely punch,
die, blank, binder tabs and forming direction, (b) dimensions and arrangement of components in
cross-section view.
The thermoforming simulations are performed in HyperForm using RADIOSS, a finite element solver developed by Altair Engineering. The composite blank material behavior is modeled
with MAT LAW 58 which is an anisotropic hyperelastic fabric material model. The material model
was used previously by Jayasree et al. [31] for forming simulation. In the forming analysis, it is
assumed that the strain energy is consumed in the blank deformation only during loading (travel of
punch towards die), and the un-loading effect is not considered [124]. Some other hypoelastic models [125–127] developed for fabrics are based on similar assumptions. Accordingly, the unloading
of the blank is not considered in the scope of this work. The thickness of the blank is defined to
be 1.97mm and modeled with fully integrated QBAT shell elements with mesh size of 2mm. The
MAT LAW 58 model employs two local axes oriented in the two fiber directions (warp and weft)
and accounts for the interaction between the warp and weft woven tows. The local axes follow
the rotations of the fibers during element deformation, which enables the in-plane shear behavior.
Tensile and shear moduli used as inputs to MAT LAW 58 are listed in Table 4.2 and are calculated
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from high temperature material characterization data. A bending factor of 0.0015 is defined to relax the tensile stiffness of the fibers in compression mode. It should be noted that the anisotropic
hyperelastic fabric material model MAT LAW 58 is employed in this study because the forming is
under close to isothermal condition, which means there is no need to consider the thermomechanical effect in this simulation step. The development of thermal stresses during the cooling process is
modeled and simulated in a separate step. In addition, the accuracy of the MAT 58 model is ensured
as the shear and tensile properties used in the model are obtained by characterizing the composite
specimen itself at the forming temperature. Our results show that the model is capable of predicting
shear angles and potential sites of wrinkling, which are important for the simulations down the road.

4.4.2

Cooling analysis
During the thermoforming process, internal residual stresses are induced when the formed

part, which is still held in position by the punch and die, is cooled to the service temperature. A comprehensive review of residual stresses formation in thermoplastic composites can be found in [128–
130], and a brief literature review is discussed here. Typically, process induced residual stresses on
FRTPC are presented at different length scales of the composite architecture, namely the micromechanical, macromechanical and “global” level [131]. At micromechanical level or fiber/matrix interaction level, these stresses are primarily influenced by the difference in properties of fiber and
matrix, such as CTE and Young’s modulus mismatch, and the fiber/matrix interfacial bond strength.
The residual stresses at micromechanical level can be determined using both numerical techniques
such as mean field homogenization techniques [117] and experimental techniques such as Raman
microscopy and photoelasticity presented in [132, 133]. While stresses at this level can result in
failure at the fiber-matrix interface, they are beyond the scope of this study. At macromechanical
or ply/ply interaction level, the residual stresses mostly arise due to anisotropic shrinkage of lamina
during cooling phase which majorly affects unbalanced laminate structure [131, 134–136]. However, since a balanced composite layup is investigated here therefore, macromechanical stresses
arising in an unbalanced layup are also neglected. At the “global” level, i.e. in case of a thick laminated structure, thermal skin-core stresses are developed along the thickness of the laminate, during
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the cooling phase [137, 138]. These stresses are primarily developed due to the difference in cooling rate between center and surface plies, resulting in a thermal gradient through thickness. In this
study, the thermal skin/core stresses at “global” level are considered, which occur due to the development of through-thickness thermal gradient during cooling phase. These stresses are evaluated in
two steps. In the first step, a heat transfer analysis is performed to determine the through thickness
temperature evolution in the blank, during the cooling phase. In the second step, the residual skincore stresses are calculated by incorporating the through thickness temperature evolution data and
implementing classical laminate theory-based thermomechanical analysis presented by [138, 139].
The thermoforming process is carried out at the temperature (T) above the melting point of PA6
matrix i.e. at T > 220C. At this elevated temperature, the structure is assumed to be in a ‘stressfree’ state and the stresses developed during forming are assumed to reduce to zero in the closed
mold [117]. While cooling from melt temperature (Tm = 220C) till the glass transition temperature
(Tg = 60C), the PA6 matrix undergoes viscous and viscoelastic phases. PA6 is semi-crystalline
polymer and as a result, crystallization occurs over a range of temperatures while cooling. The
initiation of crystallization for PA6 matrix occurs at 172C called as the crystallization temperature
(Tc) [140]. Above Tc the PA6 matrix is in viscous phase where all generated stresses are assumed
to relax out [138, 141]. While below Tc and up to Tg, the PA6 matrix is in a viscoelastic phase
[138]. Viscoelastic effects caused in this phase have been reported to cause stress relaxation during
cooling [138, 141]. As a result, these effects need to be accounted for while calculating the stress
buildup in the structure from Tc to Tg. It is important to note that the fiber phase properties are thermally independent, as a result the residual stresses builds-up instantaneously in the woven fibers
while viscoelastic effects are observed in the matrix phase only. To accurately estimate the residual
stresses at the fiber/matrix interface, a micromechanical study is required [117, 138]. However, the
MTR pathway presented in this article focuses on the macro-level modelling approach to reduce
the computational cost. Accordingly, the effective bulk properties of the composite lamina which
depend upon both the temperature and degree of crystallinity are considered for calculating the
residual stresses. A uniform degree of crystallization is assumed across the laminate at any given
temperature. Further, temperature dependent modulus of the laminate is obtained through mate81

rial characterization. It is assumed that below Tg, the structure behaves linear elastically till room
temperature [141] and the residual stresses are calculated by considering temperature independent
laminate properties.

4.4.2.1

Heat transfer analysis
The transient heat transfer analysis is performed to identify through-thickness thermal gra-

dient in the laminated hat structure. The model setup in the global coordinate system (x, y, z) is
shown in Figure 4.8(a), where the laminated composite hat structure is constrained by the punch
and die (closed mold) during the cooling process. The surfaces of blank and the tools are assumed
to be in uniform contact thereby, a uniform temperature distribution, along the length of the hat
structure (along Z-axis) is assumed. Consequently, the three-dimensional heat transfer analysis can
be simplified for computational efficiency, into a two-dimensional (x, y) analysis, as shown in Figure 4.8(b). The analysis is carried out using FEM. The punch and die are discretized with a mesh
size of 2mm. The laminated hat structure is discretized with an average mesh size of 0.123mm in
the through-thickness direction and 2mm along the hat cross-section profile. The FE discretization
of the laminated hat structure is illustrated in Figure 4.8(c). A section of the discretized laminate is
shown, which is comprised of a stack of 16 thin shell elements of 0.123mm thickness, each representing a ply. The residual stresses analysis is carried out at each discretized laminate level which
will be discussed in the following subsection.
The temperature data of the punch and die is recorded during the cooling phase of thermoforming
experiment as mentioned earlier. The temperature data of punch and die between 200C and room
temperature is utilized which is shown in Figure 4.9. The die has a higher rate of cooling as compared to punch, due to relatively lower volume of material. The cooling period of the punch and die
is 400s and 370s respectively. These cooling curves are input as boundary conditions to perform the
transient thermal analysis. The implicit FE analysis is carried out for the total cooling simulation
time, t = 660s similar to the experiment. The material properties used for this analysis are listed in
Table 4.1. The adjacent plies of the laminate are expected to have micro voids and defects at the
contact interface which may develop thermal contact resistance resulting in increased thermal gra82

dient. This is accounted for by defining a gap conductance of 0.1 mW/mm2K [142]. The through
thickness temperature evolution of the hat structure is determined from the transient heat transfer
analysis. The temperature data is recorded in an ASCII format which is further used in a MATLAB
script to calculate the residual stresses evolution through laminate thickness.

(a)

(b)

(c)

Figure 4.8: (a) Finite element 3D model setup in global coordinate system (x,y,z), (b) simplified 2D
(x,y) model setup for transient heat transfer simulation (c) FE discretization of the laminated hat
structure

Figure 4.9: Cooling curves defined for Punch and Die obtained as average from 3 experimental
trials.
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4.4.2.2

Determination of residual stresses
The residual stresses due to through thickness thermal gradient in a laminated composite

structure can be determined by following the incremental classical laminate theory based thermomechanical analysis as discussed by [138, 139]. According to this, the cooling process is discretized
into n time steps and the residual stresses at ply level (incremental ply stresses) are determined at
each time step. The total residual stresses at the end of cooling process for any given ply, can be calculated by taking a cumulative sum of these incremental ply stresses. This analysis is carried out by
implementing FE approach using a MATLAB script. The same discretization strategy as discussed
for transient heat transfer analysis is utilized herein. To explain the analysis, consider a laminate
structure comprised of 16 plies, oriented at an angle (θ) w. r. t. global coordinate system (x, y, z) as
shown in Figure 4.10(a). Also shown, is the laminate local coordinate system or the analysis system
(x1, x2, x3), where x2 is laminate thickness direction. Figure 4.10(b) shows the arbitrarily selected
k-th ply having thickness ek, and the distance from laminate midplane to ply midplane is hk . Since
the analysis is done at each discretized laminate level, the following discussion is presented in the
analysis system (x1, x2, x3). The thickness of the ply (x2) is considered very small as compared to
in-plane (x1, x3) dimensions of a ply. Therefore, a 2D plane stress analysis is carried out, where
in-plane residual stresses are developed due to thermal gradient along x2. These residual stresses
are primarily driven by the volumetric shrinkage effect during the cooling process. The temperature
evolution data obtained from the transient thermal analysis is used to first deduce the ‘stress free’
incremental thermal strains for the k-th ply at a given time step t. The ‘stress free’ herein, refers to
the thermal strains developed in a ply, when it is free to deform without any constraint, which can
be calculated by:
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(4.3)

where, α represents the in-plane thermal expansion coefficient. It’s value below Tg is αx1 = αx3 =
8x10−6 /C and above Tg is αx1 = αx3 = 13x10−6 /C while αx1x3 = 0 in both cases. The temperature change for a timestep is represented by (∆T )k = (Tt − Tt−1 )k ,  is the strain, subscript
x1,x3,x1x3 denoted the direction of strain, subscript T refers to thermal strain and subscript t denotes the time step. The net deformation of any given k-th ply in a laminate is dictated by the
thermal and mechanical properties of all the plies in that laminate. In other words, an individual ply
strain is affected by the average laminate strain. This difference between the average laminate strain
and the ‘stress free’ ply strains (from Eq. (4.3)) causes the residual stresses to develop in the ply.
This is illustrated in the Figure 9(c), where a laminate structure comprised of two plies is shown. In
an unconstrained state, ply 1 and ply 2, undergo ‘stress free’ strains 1 and 2 respectively. However,
in the laminate setup both plies undergo average laminate strain m . Therefore, the stresses in ply1
are proportional to 1 − m and that in ply 2 are proportional to 2 − m .

(a)

(b)

(c)

Figure 4.10: Illustration of (a) a discretized laminate orientated at an angle (theta) w.r.t. global
coordinate system (x,y,z). (b) k-th ply at a distance hk from laminate midplane, and (c) stress free
strains vs average laminate strain
Typically, the average laminate strains are represented by the strains occurring in the laminate midplane due to introduction of thermal loading on the laminated structure. The thermal loading herein, can be defined by the resultant forces and moments that act on the laminated structure,
and is expressed as the cumulative sum of thermal forces on all plies. The resultant forces on the
laminate are calculated at each time step t, i.e. incremental resultant forces (N). Since, the cooling
process takes place in a closed mold where the laminate is constrained in all directions therefore,
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out-of-plane deformations within the plies do not exist. Consequently, the curvatures and moments
are neglected, and the incremental resultant forces are expressed in simplified form as [141]:
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Where, Qij = Q(T ), i, j = 1, 2, 6 plane stress stiffness matrix which is defined [143] in terms of
the engineering properties and is temperature dependent. Now the incremental laminate strain or
the laminate mid-plane strain can be calculated at time step t, by following the laminate constitutive
relationship as [141]:
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where, ∆0 represents increments in laminate midplane strain from the previous time step.
The matrix A is the 3-by-3 in-plane stiffness matrix for the laminate. It is worthwhile to note that,
the coupling factor in the stiffness matrix is neglected herein, since a balanced layup is considered.

P
The coefficient of the A matrix is given by, Aij = nn
k=1 Qij k ek . The thermoelastic constitutive
equation for the kth ply can now be obtained in the incremental form by incorporating the incremental ‘stress free’ ply strains from Eq. (4.3) and laminate strains from Eq. (4.5) respectively, into
the Duhamel-Neumann form of Hooke’s law [144]. The resulting incremental stresses in kth ply is
expressed as:
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where, ∆σ is incremental residual stresses for a ply. The residual stresses at the end of cooling
process can be obtained by taking cumulative sum of the incremental stresses computed using Eq.
(4.6). This can be expressed for kth ply as:
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The final step before mapping the residual stresses to a FE solver is to transform the ply stresses
from analysis system to the global coordinate system using the transformation matrix. This is done
for each ply and the stress transformation can be expressed for kth ply as:






c2

s2

 σx 

 

σ 
s2 c2
 y

 

 

0
 σz 
0
  =
 

σyz 
0
0
 

 

σ 
0
0
 xz 

 

σxy
sc −sc
k



0

0

0

0

0

0

1

0

0

0

c

s

0 −s c
0

0

0





−2sc   σx1 
 



2sc 
  0 
 

 

0   σx3 
=

 



0 
  0 
 



0 
 σx1x3 
 

c2 − s2
0

(4.8)

k

Where, c denotes cos(θ) and s denotes sin(θ). This analysis was repeated for all other
discretized laminates along the cross-section profile since the through-thickness temperature gradient could be different at different locations. The global residual stresses are extracted and saved
in ASCII format for each discretized laminate. The data is further used in stress mapping code
discussed in following section.
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4.4.3

Mapping of numerical results
A mapping procedure is generally employed to continue analysis either in the same or

different solver by transferring the results obtained from one simulation to the next. For example, in
large deformation problems, the elements are often distorted to such an extent that they cannot be
used for further analysis. Mapping of results to a new mesh becomes necessary. In some other cases,
the analysis needs to be continued in a different solver, which requires the results from the previous
analysis to be transferred to the new solver. In the current study, the process induced effects such as
thickness variations, fiber reorientations and residual stresses are mapped on a new mesh of the hat
structure suitable for mechanical analysis. For the thermoforming results, the “Result Mapper” tool
within the Altair Hyperworks software is used for performing the result mapping procedure. For the
residual stresses, a MATLAB script is developed for the mapping. In both cases, mapping of results
is based on an algorithm that approximates the result data locally using polynomial functions and in
turn uses the functions to calculate the result values on a different mesh or at different locations on
the mesh.

4.4.4

Mechanical performance validation
The last step of the MTR pathway is to evaluate the mechanical response of the hat structure,

with the process induced effects included. In the current study, a quasi-static three-point bend test
and a dynamic impact test is carried out to validate the MTR pathway. The FE analysis is carried
out by using the LS-DYNA solver.
4.4.4.1

Quasi-static three-point bend test
The composite material behavior is modeled using LS-DYNA material law MAT 58 which

models the anisotropic behavior of composite and implements the damage mechanics using the
Matzenmiller-Lubliner-Taylor model [145]. The material model utilizes the Hashin failure criterion
[146] with thin shell elements to model composite laminates and woven fabrics. The material model
also incorporates the nonlinear portion of the shear stress-strain curve. More description can be
found in [147]. The MAT 58 card is calibrated for the PA6 laminate by carrying out the experiments
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discussed earlier. Figure 4.11 shows the FE model setup consisting of the thermoformed composite
part, a rigid impactor and two rigid cylindrical supports of 10mm diameter. The bottom of the
thermoformed hat section is joined with a 0.5mm flat composite spine section using an adhesive
layer. The 1.97mm thick adhesive layer has width of 10mm on both sides of hat section which is
modeled using solid cohesive elements which act like springs in through-thickness direction. The
cohesive mixed mode material model [148] is used to model adhesives which follows purely elastic
behavior with bilinear traction separation failure law.

Figure 4.11: FE model setup for mechanical tests showing thermoformed hat structure adhesively
bonded with spine along with rigid impactor and supports.

4.4.4.2

Dynamic impact test
An impact test with 28.75J impact energy is simulated in LSDYNA by striking a 3.1kg rigid

cylinder to the hat structure with the impact velocity of 4.3 m/s. The model setup and boundary
conditions are applied such that it replicates the experiments. Figure 4.12 shows the FE model
setup for impact tests where a hat structure is placed over a rigid fixture. The clamp conditions on
flat edges of hat structure as described in the experiment section are simulated by applying SPC
boundary conditions on the nodes constraining all six degrees of freedom.
To model composite material, enhanced composite damage material model, MAT54 is used.
The material card utilizes Chang-Chang failure criterion [149] where matrix failure (tension) is
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Figure 4.12: FE model setup for impact test showing thermoformed hat structure with rigid impactor
and fixed support.
given by:
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fiber tensile failure:
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and fiber compressive mode failure is given by:
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(4.12)

Where, Xt , Xc , Yt , Yc and S are longitudinal tensile strength, longitudinal compressive
strength, transverse tensile strength, transverse compressive strength, and shear strength respectively, which are obtained from material strength measurement. The principal stresses in directions
1 and 2 are represented by σ1 and σ2 respectively. The shear stress is denoted by symbol τ and
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beta represents weighting factor for shear term in tensile fiber mode, which lies between 0 and 1.
A thin shell element approach is implemented wherein the laminate layup is defined by a single
integration point for each single ply consisting of respective fiber orientation and thickness. The
failure modes described in Eq. (4.9)-(4.12) reduces the ply stresses to a limiting value which is
greater than zero. These limiting stress values depend upon the SLMX parameters which are empirically fitted in the MAT54 card and are typically between 0 and 1. The ply stresses reduce to
zero by defining five critical strain failure values viz. strain to failure in fiber tension (DFAILT) and
compression (DFAILC), strain to failure in matrix (DFAILM), strain to failure in shear direction
(DFAILS) and effective failure strain (EFS) [147]. Once, the failure criteria are satisfied for all the
plies, then whole element is eroded. The nearby elements become “crashfront” elements and their
strength can be reduced based on the SOFT parameter. A fully integrated shell element formulation (ELFORM =16) is used to eliminate hourglass modes and laminate shell theory is invoked by
setting LAMSHT=1. This option removes the usual assumption of uniform shear strain through the
thickness of the shell which is important for sandwich composites with soft cores [147]. MAT 54
card is sensitive to mesh size, contact formulation and non-physical crashfront softening parameter
SOFT. For instance, it is possible to obtain two combinations of MAT54 parameters at two different
mesh sizes that shows a reasonable correlation to experiments. It is also observed that a MAT54 calibrated for coarser mesh if transferred upon a finer mesh model, the element erosion may progress
faster and could show numerical instabilities [149–153]. An optimal mesh selection approach for
MAT54 card requires trade-off between accuracy and computational time and it should also closely
replicate the physical damage behavior. Therefore, in the current study a mesh size of 2mm X 2mm
is used and which is kept consistent throughout the MTR pathway. The LS-Dyna keyword PART
COMPOSITE is used to define individual composite layers along with their thickness and offset
angle (BETA). Figure 4.12 shows the zone-based representation of composite hat structure, where
each colored zone represents LSDYNA part composite that embodies a unique set of stack up order
of composite laminate.
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4.4.5

Numerical study: Static and Dynamic Analysis
The thermoforming process may result in variations in thickness distribution, fiber orienta-

tion and residual stresses distribution due to factors such as complex geometry, thermoforming tool
clearance and surface finish. In this study, for the purpose of demonstrating the MTR pathway, a
thermoforming tool with high surface finish is used to form a hat section structure with relatively
simple and smooth geometric shape. As a result, no large variations in thickness and fiber orientations are produced. To understand the effect of large variations in thickness and fiber orientation on
the structural response under static and dynamic loading. In our numerical studies, we artificially
increase the range of thickness and fiber orientation variations on the same hat section geometry.
The different variations in residual stresses are obtained by carrying out cooling analysis for various cooling rates. The computational model is setup to carry out static and dynamic analysis with
the inclusion of these variations. The results are obtained for several cases and compared with
the response of the hat structure without considering thickness and fiber orientation variations and
residual stresses.

4.4.5.1

Static analysis
The static test is first carried out to evaluate the overall stiffness of the hat structure. This is

done by setting up six static load cases as illustrated in Figure 4.13 which are (a) longitudinal compression, (b) longitudinal shear, (c) longitudinal bending, (d) transverse compression, (e) transverse
shear and (f) transverse bending. An implicit FE analysis to solve the linear static problem is setup
in LSDYNA. To model the composite behavior MAT 58 discussed previously is used. The static
problem can be written in discretized form as:

Ku = Fext

(4.13)

where, K is stiffness matrix, u represents the displacement vector and Fext is the external forces
vector. A force of 4N is applied to each node of the loading edge which results into an external
force of 220N for the three longitudinal load cases while a force of 304N for the three transverse
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load cases. The corresponding deflection is measured and compared for all the cases.

Figure 4.13: A schematic diagram of six static load cases representing (a) longitudinal compression,
(b) longitudinal shear, (c) longitudinal bending, (d) transverse compression, (e) transverse shear and
(f) transverse bending.

4.4.5.2

Dynamic analysis
The dynamic impact test is simulated on the thermoformed hat structure in LSDYNA using

the same modeling strategy as described earlier. However, for the purpose of numerical study a
higher energy impact 57.5J is simulated. Further, a cylindrical impactor may result in localized
deformation in the hat structure and may not give the complete picture of various process induced
effects. Thus, a larger contact area impact test is simulated by using a rigid plate impactor of 6.22kg
and the impact velocity of 4.3 m/s which is shown in the Figure 14. The edges of the hat section are
kept fixed while a rigid support at the bottom of the structure is placed to hat structure to collapse.

4.5
4.5.1

Results and Discussion
Model validation (experimental vs numerical)
The MTR pathway developed in this study is validated at two steps i.e. first at the man-

ufacturing stage which is followed by the mechanical testing stage. At the manufacturing stage,
thickness variations and fiber reorientations are validated at structure level. At the mechanical test-
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(a)

(b)

Figure 4.14: FE model setup of the impact test showing composite hat structure with fixed edges
impacted by a rigid plate (a) front view and (b) 2D cross sectional view.
ing stage, the combined effect of residual stresses, thickness variations and fiber reorientations on
the structural response is validated with the experiments.

4.5.1.1

Thermoforming results: Thickness variation and Fiber Orientations
The thickness variation and fiber orientations are experimentally measured after performing

the thermoforming experiments and is compared with the numerical results. The thickness is measured at six different locations along the hat profile (or three locations each side) and the average
thickness from the three experimental trials is presented in Figure 4.15. The maximum thickness
of 2.01mm is observed at location 5 with the standard deviation of 0.008mm, while the minimum
thickness of 1.97mm is observed along the flatter edges locations 1 and 3 with the standard deviation of 0.01mm. Figure 4.15 also presents the numerically predicted thickness contour along the
two sides of hat structure. The numerical thickness variation is predicted using the draping tool
of Altair Hyperworks. A comparison between the measured thickness and the predicted thickness
shows good agreement. Further, the warp and weft tows of the composite sheet are referred here
as fibers in directions 1 and 2 initially 900 apart. These fibers of the composite sheet undergo reorientation as the sheet deforms to take the shape of the mold. Figure 4.16 shows a comparison of
fiber orientations obtained from the experiments and simulation, where the change in angle between
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the two fiber directions is measured. On the fabricated hat structure, four locations are identified
(highlighted square in the Figure 4.16) so as to capture fiber orientations at different geometric curvatures of hat structure. To compare with the numerical results, a closer view of these locations is
shown in Figure 4.16 along with the numerically obtained contour plot of fiber orientations at the
four specified locations. The maximum fiber angle of 1030 can be observed from the contour plot
near location 4, which means a fiber reorientation of 130 . The average fiber orientations from the
three experimental trials are determined and compared with the numerical prediction. The comparison is listed in Table 4.3 for the four locations which shows good agreement. Note that both the
thickness variations and fiber orientations need to be mapped to the hat structure before mechanical
validation.

(a)

(b)

Figure 4.15: Thickness variation in the hat structure: (a) Side 1, (b) Side 2 represented as (upper)
measured average thickness ± standard deviation and (lower) predicted thickness variation.
Table 4.3: Fiber orientations in degree from experiments and simulation at four locations on the hat
structure
Location
1
2
3
4

Experimental average
96.76
91.90
90.93
100.08
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Std.
1.42
3.19
0.81
5.17

Simulation
95.77
90.18
90.00
96.72

% difference
1.02
1.87
1.03
3.36

Figure 4.16: Fiber orientation in degree as observed in thermoforming trials and simulation at
marked locations of the hat structure
4.5.1.2

Residual stresses: validation and results
The residual stress model described earlier is implemented for APC-2 composite laminates

to validate the residual stress calculation procedure with prediction results reported by Chapman et
al.[44]. The laminate consists of 40 unidirectional APC-2 sheets amounting to a total thickness of
5mm. The temperature evolution data through the laminate thickness and cooling curve reported in
[44] are used as input. Residual stresses evolution in the transverse direction (perpendicular to the
fiber direction) for surface and center plies is reported in the paper and used for comparison with
this work as shown in Figure 4.17(a). Furthermore, the distribution of transverse residual stresses
through the laminate thickness at t = 60sec is compared with the predicted results for an initial
cooling rate of 350 C/s as shown in Figure 4.17(b). It is important to note that a curve is fit through
the data points obtained in this work for Figure 4.17(b). It is shown that the results obtained from
the residual stresses model compare reasonably well with the model prediction data from [44]. The
discrepancy in results can be attributed to the fact that the effect of degree of crystallinity on the
material properties is not considered in the residual stresses model here.
To illustrate the residual stresses evolution, consider a discretized laminate as shown in
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(a)

(b)

Figure 4.17: Validation of residual stresses code with model prediction data from Chapman et
al. [44] (a) Comparison of transverse residual stresses σy evolution for surface and center plies,
(b)comparison of transverse residual stresses σy distribution through the laminate thickness at t =
60sec.
Figure 4.18(a). This laminate is oriented at an angle (θ = 19.20 ) w. r. t. global coordinate system
(x, y, z). As discussed earlier, the die has a higher rate of cooling than the punch therefore, the ply
immediately in contact with the die (S1) cools faster than the ply in contact with the punch (S2).
Consequently, higher compressive stresses are developed in S1 as compared to S2 resulting in an
asymmetric stress profile along the thickness of the laminate. This asymmetry can be observed in
the Figure 4.17(c), where residual stresses (σz , σx , σy , σxy ) are plotted against the location of ply
(h) through thickness, where h ranges from -1 to 1. These stresses are according to Eq. (4.8).
Tensile stresses are observed towards the center ply (h = 0) while compressive stresses are observed
going from center towards the two surface plies at h = +1 and h = −1. The magnitude of residual
stresses observed in (σz , σx , σy , σxy ) in Figure 4.18(c) at the center ply h = 0 and at two surface
plies at h = +1 and h = −1 are tabulated in Table 4.4. The residual stresses (σz ) evolution during
simulation time, t = 400s, is presented for center and surface plies S1 and S2 in Figure 4.18(b).
As mentioned earlier, the residual stresses buildup starts once any ply in the laminated hat structure
reaches Tg (=60C) of PA6 matrix. Owing to the difference in cooling rates of punch and die,
surface ply S1 reaches Tg earlier than S2 and starts developing residual compressive stresses. As
a result of the temperature gradient between the S1 and S2 surface plies, the initial tensile stresses
are induced in S2. These tensile stresses are relieved once the temperature gradient reduces over
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time and compressive stresses start emerging as seen in Figure 4.18(b). The residual stresses are
mapped on the hat structure for each discretized laminate to carry out the mechanical tests. Figure
4.19 shows the contour plot of residual stresses (σz ) distribution on the center and surface plies S1
and S2, for the 3D laminated hat structure. Recall that a uniform contact along the Z-axis of the
hat profile is assumed during the heat transfer analysis. As a result, the residual stresses magnitude
along Z-axis for each discretized laminate is uniform as seen in Figure 4.19.

(a)

(b)

(c)

Figure 4.18: Validation of Residual stresses code with model prediction data from Chapman et
al. [44] (a) Comparison of transverse residual stresses σy evolution for surface and center plies,
(b)comparison of transverse residual stresses σy distribution through the laminate thickness at t =
60sec.
Table 4.4: Magnitude of residual stresses (σz , σx , σy , σxy ) at Surface, h = ±1 and center, h = 0
plies
Residual stress(MPa)
Center, h = 0
Surface, h = +1
Surface, h = −1

4.5.1.3

σz
6.56
-17.3
-7.03

σx
5.82
-15.36
-6.24

σy
0.72
-1.92
-0.78

σ xy
2.06
-5.43
-2.2

Mechanical performance validation
Quasi-static test validation
The experimental and numerical performance of thermoformed hat structure under quasi-

static 3-point bending test is presented here. The force vs displacement plot is compared in Figure
4.20(a) and the damage behavior is presented in Figure 4.20(b). The numerical 3-point bend test un98

Figure 4.19: Contour plot showing residual stresses distribution along Z-axis on center and surface
plies S1and S2 of the laminated hat structure.
der quasi-static loading condition is carried out using LS-DYNA after mapping the thermoforming
effects. The force-displacement response is compared with the mean experimental results in Figure
4.20(a), which show a very good agreement till damage onset. The large deformation is observed
at impact location of hat structure and the numerical damage prediction is compared with the three
experimental trials as shown in Figure 4.20(b). It is observed that numerical prediction of deformation closely matches trial 3. Figure 4.20(b) presents top view of hat structure along with von-Mises
stress contour and the encircled regions (in red) show damaged locations. The damage behavior is
consistent with the experimental results. However, it should be noted that delamination failure and
damage propagation which requires detailed damage modeling strategy are not considered in the
study.
Dynamic impact test validation
The experimental and numerical performance of hat structure under dynamic impact test is
discussed here. The dynamic performance is evaluated by plotting a force vs time curve which gives
the crush stiffness and peak crush resistance force for the studied impact. The force vs time plot of
the three experimental trials is shown in Figure 4.21 (a) where, the highlighted red arrows indicate
the crush force at three locations i.e. at initial impactor contact, at maximum impactor stroke and
when impactor finally losses contact with the hat structure. In Figure 4.21(b), front view of the
three experimental trials is presented which shows the impactor position for the three corresponding
locations. It is observed that a maximum stroke of 6.9mm, 7.3mm and 7.2mm is obtained for the
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(a)

(b)

Figure 4.20: (a) ) Force-displacement plot for 3-point bend test comparing experimental response
with numerical prediction and (b) Deformation comparison between experimental trials and numerical simulations.
three trials (mean experiment maximum stroke = 7.1mm). The experiments show a consistent and
repeatable performance in terms of crush stiffness (linear slope), peak crush force and integral (area
under the curve). To validate the MTR pathway, the mean experimental performance is compared
with the numerical response of the hat structure under dynamic impact test. A force vs time response
plot is presented in Figure 4.22(a). A reasonable correlation is observed between the two curves,
where the peak mean experimental force is 5.3kN while peak numerical force is obtained as 4.5kN.
Further, the experimental damage occurred in the hat structure is compared with the numerical
predictions in Figure 4.22(b). Encircled region shows the locations of the damage which is similar
for both experiment and simulation. A Von-Mises stress contour plot is also presented in the Figure
4.22(b) at the maximum impactor stroke which shows the stress distribution is highest at the vicinity
of impact. The maximum impactor stroke of 7.35mm is obtained from the simulation which is very
close to the mean experiment maximum stroke. Table 5 presents the peak force and integral value
(area under the curve of the force time plot) for both experiment and numerical dynamic impact
test. The integral value indicates the impactor kinetic energy absorbed by the hat structure during
the test. It can be observed that mean experimental integral value is 1681 N-ms which is close to
numerically predicted integral value of 1639 N-ms.
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(a)

(b)

Figure 4.21: Dynamic impact test performance:(a) Force vs time plot showing three experimental
trials and (b) front view of the experimental trials showing impactor position at initial contact, at
maximum stroke and at loss of contact.

(a)

(b)

Figure 4.22: (a) Validation of dynamic impact test: Force vs time plot comparing experiment and
simulation. (b) damage comparison of the experimental trials and numerical prediction.
Table 4.5: Dynamic impact test comparing experiment and numerical performance
Dynamic impact test
Experimental mean
Experimental mean

Peak force (N)
5378
4545
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Integral (N-ms)
1681
1639

4.5.2

Numerical study: manufacturing process effects on static and dynamic response

4.5.2.1

Thickness variation
In an ideal scenario, the hat structure has a uniform thickness of 2mm with no variation

(unmapped case). However, during processing stage several factors such as a non-uniform tool
gap, depth-to-width ratio of the thermoforming tool and thermoplastic flow characteristics at high
temperature may affect the final thickness distribution in the hat structure. Consequently, two cases
are considered here, with 1% (T01) and 3% (T03) variation in thickness from the ideal thickness
of 2mm. The thickness distribution obtained from the MTR pathway is multiplied by a constant
factor such that the difference between maximum to minimum thickness is 1% and 3% respectively
for T01 and T03. The maximum thickness is kept constant as 2mm. The mechanical responses are
determined under static and dynamic loading and results are compared with no thickness variation
(unmapped) case. The static responses for the six static load cases are presented in Table 4.6. It is
seen that the static deflection increases with increase in thickness variation for all load cases. The
thickness variation changes the material volume which affects the static stiffness.
Table 4.6: Static performance: effects of variation in thickness distribution
Load cases
Longitudinal compression
Longitudinal shear
Longitudinal bending
Transverse compression
Transverse shear
Transverse bending

Force(N)
220
220
220
304
304
304

Unmapped
0.0027
1.6752
0.3356
1.7453
1.8988
9.7700

%change T01
1.06%
1.37%
1.33%
3.20%
3.14%
3.21%

%change T03
5.36%
6.88%
6.71%
16.73%
16.43%
16.80%

Next the impact performance is evaluated for the two thickness variations and the forcedisplacement curves of the impact load cases are shown in Figure 4.23. Note that the area under
each curve gives the kinetic energy absorbed during the impact. It is shown that each curve forms
a closed loop after reaching maximum displacement, which represents the rebound of the impactor
from the hat structure. The curves attain a peak force value at approximately 2mm displacement
and then drops down as the displacement proceeds. To understand the force-displacement plot, the
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progressive deformation of hat structure from t = 0 to 10ms is presented for both unmapped and
T03 case in Figure 4.24. The red arrow indicates the direction of impactor at the corresponding
time. The impactor displacement is also mentioned for each time instant. Consider unmapped case
of uniform thickness, as the deformation progresses from t = 0ms to t = 1ms, both the longer and
shorter edges of the hat structure undergo compression during which the maximum peak force of
12kN is attained. At this highest peak force point, compressive failure occurs along the bend region
of the shorter edge. This results in flattening of the top of the hat structure and thereby increases the
contact area between the impactor and hat. The failure is explained further in the next subsection.
At t = 2ms the impactor displacement is 6.17mm and the impactor continues to push forward the
hat structure over a larger contact area. At t = 4ms the impactor displacement is 9.61mm, the
part of the structure corresponding to the longer edge undergoes a snap-through to reach another
stable configuration as shown in the Figure 4.24, resulting in reduced contact area. At t = 6ms, the
impactor continues to push further the shorter edge of hat structure over a smaller contact area till
all the impactor energy is absorbed. The maximum impactor displacement of 11.44mm is reached
for the unmapped case at t = 6.6ms beyond which the impactor rebounds due to the spring back
effect. This effect can also be observed in the force vs displacement plot in Figure 4.23, where
force increases to a higher value before rebound. At t = 8ms, the impactor direction is reversed,
and the net impactor displacement reduces to 11.01mm. At the termination time, t = 10ms the net
impactor displacement reduces to 9.77mm. Since, the thickness variation results in material volume
change which is directly related to the material stiffness and strength and therefore a slight variation
may affect the response significantly. It is observed as the thickness variation is increased (the
average thickness is reduced), the initial slope of the curve which represents the initial crush stiffness
reduces. Further the compressive failure in the shorter edge occurs earlier than the unmapped case
resulting in the drop in the peak force to 11.7kN and 11.3kN for T01 and T03, respectively. On
comparing the progressive deformation of unmapped and T03 cases in Figure 4.24 it can be observed
that at any given time t < 6ms, the impactor displacement is higher for T03 than unmapped case
due to overall reduced strength of the structure and early failure. At t = 6ms, a higher snap through
effect can be observed for T03 and the maximum impactor displacement of 12.05mm is obtained at
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t = 6.4ms. Due to this larger impactor displacement or larger pushing of the hat structure, a higher
spring back force is affected. It can also be observed in the force vs displacement plot in Figure
4.23, that T03 reaches a larger peak of 6.5kN before rebound as compared to unmapped case where
force reaches a maximum of 3.5kN before rebound. As a result, at t = 10ms, the net impactor
displacement is 9.57mm, which is lower than the unmapped case.

Figure 4.23: Force vs displacement plot under impact loading comparing two cases of thickness
variation with unmapped case.

Figure 4.24: Progressive deformation of hat structure under impact loading showing the effect of
thickness variation.
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4.5.2.2

Fiber orientations variation
Thermoforming a component with complex geometry can lead to large variation in fiber

orientation over the formed component. For the numerical analysis in this section, two different
fiber orientation variations are generated and compared with original 0/90 configuration (unmapped
case). This is done by multiplying the shear angles obtained from the actual thermoforming result
of the hat structure by a constant factor. The two cases are D20 with a maximum shear angle of 20
degrees and D35 with a maximum shear angle of 35 degree. The fiber orientation distributions for
the three cases are shown in Figure 4.25. The numerical tests are carried out first for the six static
load cases and the responses are presented in Table 4.7 and a comparison is made with unmapped
configuration. With increase in shear angle, the stiffness under longitudinal compression, transverse
compression and bending is largely improved. The static performance under longitudinal shear and
bending loads is reverse for the two cases D20 and D35. The longitudinal bending stiffness is
increased as shear angle is increased from 0 degrees to 20 degrees by almost 20% and then reduces
as shear angle is further increased to 35 degrees. This is mainly due to the nonsymmetrical crosssection of the hat structure which results in a higher cumulative nodal force distribution on the
longer side. Due to this a pure bending or shear test is not simulated, and instead additional twist is
added to the structure, thereby changing the line of action of resultant force. The configuration with
fibers orientated along the line of action would give maximum stiffness, which here is observed for
D20 case. To further confirm the observation, more fiber orientation variations between 0 and 40
degrees are simulated. It is found that there is an optimal fiber orientation configuration which gives
the maximum stiffness in the longitudinal bending case (results are not presented here). A similar
result is obtained for the longitudinal bending test case.

Figure 4.25: Fiber orientations for the three cases (a) unmapped, (b) D20 and (c) D35.
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Table 4.7: Static performance for the two orientation variants
Load cases
Longitudinal compression
Longitudinal shear
Longitudinal bending
Transverse compression
Transverse shear
Transverse bending

Force(N)
220
220
220
304
304
304

Unmapped
0.0027
1.6752
0.3356
1.7453
1.8988
9.7700

%change D20
14.3%
-5.7%
-19.5%
13.8%
-17.7%
15.5%

%change D35
118.3%
22.2%
23.9%
54.7%
-25.6%
57.80%

Next, the effect of fiber orientation variation on crash performance is evaluated. The force
displacement results for all three cases are plotted in Figure 4.26. It is found that the initial stiffness
of unmapped case is higher than the D20 and D35 cases, whereas the peak force is maximum for
D35 case as 14.9kN while for D20 it is 12.2kN, a little higher than unmapped case. To understand
the initial impact response, the progressive deformation of hat structure for the unmapped and D35
cases is presented in Figure 4.26 for the simulation time from t = 0 to 1ms. From the simulation
time t = 0 to 0.5ms, as the impactor pushes the hat structure over a small contact area, the flanges of
hat structure rests on the fixed support, while a localized in-plane deformation occurs in the vicinity
of impactor contact, where the impactor flattens the curved hat top profile increasing the contact
area. Now, consider a single ply consisting of two fiber tows. For the unmapped configuration
the two fiber tows are 90 degree apart (see Figure 4.25(a)) as a result the maximum resistance to an
arbitrary in-plane force can only be equal to the maximum strength of a single fiber tow, whereas for
D35 both fiber tows form an acute angle (35 degree) (see Figure 4.25(b)) therefore, the maximum
resistance can be equal to maximum resultant strength to two fiber tows (which is higher than
the resultant strength of 90 degree configuration). Similarly, for the unmapped fiber configuration
(0/90) the minimum resistance to an arbitrary in-plane force is higher than that of D35 case. Thus,
the average in-plane strength is higher for unmapped configuration as compared to D35. Therefore,
unmapped case gives higher resistance to in-plane deformation at impact vicinity for t < 0.5ms.
As the impactor pushes further, both sides of the hat structure undergo compression. Due to the
non-symmetrical structure the shorter side (also steeper) experiences larger compressive force than
the longer side. The line of action of this compressive force is along the vertical tow direction
(see Figure 4.25(a)). As a result, for the unmapped case at t = 1ms, compressive failure occurs at
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the bend of the shorter edge (see encircled region for unmapped case in Figure 4.27). However,
for the D35 case, shorter edge is more resistant to failure as both fiber tows are along the line of
action. Therefore, as the impactor pushes further, the longer edge undergoes out of plane bending
(as encircled region for D35 case in Figure 4.27) while absorbing more energy. This explains the
difference between peak forces for the two cases in the Figure 4.26. The von-mises stress contour
plot (top view of hat structure) is also presented at t = 1ms comparing both unmapped and D35
cases. It can be observed that a significantly higher stresses are present along the longer edge
for D35 case as compared to unmapped case. Further, the progressive deformation plot for the total
simulation time, t = 10ms is presented in Figure 4.28. As the deformation progresses after t > 2ms,
the impact occurs over a much larger contact area for D35 than unmapped case. This results in much
quicker energy absorption for the D35 case wherein, the maximum impactor displacement reaches
7mm at t = 3.3ms and beyond which rebound occurs. Towards the end of simulation, the net
impactor displacement for D35 is 0.38mm while for unmapped it is 9.77mm. This shows that both
static and dynamic performance is highly sensitive to fiber orientations since the material strength
and modulus are directly dependent on them.

Figure 4.26: Force vs displacement plot comparing impact performance for the two fiber orientation
cases
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Figure 4.27: Unmapped vs D35: initial deformation of hat structure under impact loading and vonmises contour plot at time t = 1ms.

Figure 4.28: Unmapped vs D35: progressive deformation of hat structure under impact loading.
4.5.2.3

Cooling rate variation
While large-scale production of thermoformed composite structure requires faster cooling

cycles, higher cooling rates can induce undesirable residual stresses as discussed earlier. The effects
of change in cooling rate on static and dynamic performance are discussed here. For comparison,
residual stresses are calculated for two cooling rates 50 C/s (case CR5) and 500 C/s (case CR50).
These stresses are then mapped to a new mesh of the hat structure for evaluation of the static and
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impact performance. The average von-Mises stress contour plot on hat structure is presented in
Figure 4.29. A maximum stress of 21MPa is obtained for CR5 and 26MPa for CR50. The results for
three cases are compared to the case without cooling rate effect (unmapped case). The static results
are presented in Table 4.8 showing the deflection of the hat structure in the six static load cases for
various cooling rates. It is observed that there is no significant change in stiffness for longitudinal
bending, transverse shear and transverse bending load cases. The longitudinal compression stiffness
however significantly reduced as the cooling rate is increased from 0.5 to 50 C/s. This can be
understood by fact that the hat structure is already pre-stressed along the longitudinal direction with
compressive residual stresses and since the direction of loading is in the same compressive direction
therefore higher deflection (or lower stiffness) is observed. Further, the stiffness under longitudinal
shear and transverse compression loads slightly increases as the cooling rate is increased.

Figure 4.29: Von Mises residual stresses contour plot for the two cooling rate cases.
Table 4.8: Static performance at different cooling rates
Load cases
Longitudinal compression
Longitudinal shear
Longitudinal bending
Transverse compression
Transverse shear
Transverse bending

Force(N)
220
220
220
304
304
304

Unmapped
0.0027
1.6752
0.3356
1.7453
1.8988
9.7700

%change CR5
3.7%
-0.7%
0.1%
-0.8%
0.0%
0.0%

%change CR50
13.1%
-0.9%
0.0%
-0.9%
0.0%
0.0%

Next, the impact performance is evaluated and the force-displacement plot for various cool109

ing rate cases is presented in Figure 4.30. It is observed that the initial stiffness is similar for all the
cases however peak force drops with higher cooling rate. As described earlier, both the longer and
shorter edges of the hat structure undergo compression during t = 0 to 2ms and compressive failure
occurs at shorter edge for the unmapped case at t = 1ms. Now, with the introduction of compressive residual stresses in the hat structure for CR50 case, this compressive failure in the short edge is
reached a little earlier at t < 1ms resulting in lower peak force than the unmapped case. To illustrate
further, the deformation of the hat structure as a function of time is examined for the unmapped and
CR50 cases in Figure 4.31 for the simulation time t = 0 to 10ms. At t = 2ms, the impactor displacement is little higher in CR50 case due to early failure. With time t = 2ms to 6ms, the impactor
pushes and deforms the hat structure more for the CR50 case and a higher impactor displacement is
observed in a shorter time as compared to unmapped case. The maximum impactor displacement of
12.02mm is reached at 6.3ms for CR50 while it is 11.4mm at t = 6.7ms for the unmapped case as
mentioned previously. At this point the kinetic energy of the impactor is absorbed completely and
the spring back effect of hat structure follows, and a larger rebound is observed for CR50.

Figure 4.30: Force vs displacement plot showing impact performance for various cooling rate cases.
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Figure 4.31: Progressive deformation of hat structure under impact loading showing the effect of
cooling rate.
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Chapter 5

Design Optimization of an
Ultra-Lightweight Thermoplastic
Composite Door
5.1

Background
The ever-growing concern to reduce the impact of transportation systems on environment

has pushed automotive industry towards fuel-efficient and sustainable solutions. While several approaches have been used to improve fuel efficiency, the light-weighting of automobile components
has proven broadly effective. A substantial effort is devoted to lightweighting body-in-white which
contributes 35% of total weight of vehicle. Closure systems, however, have been often overlooked.
Closure systems are extremely important as they account for about 35-50% of structural mass and
have a very diverse range of requirements, including crash safety, durability, strength, fit, finish,
NVH, and weather sealing [35]. The door systems are especially difficult to lightweight due to their
high crashworthiness requirements, which necessitate the ability of a structure to absorb impact
energy during collisions and prevent occupant injuries [154]. According to the IIHS-HLDI fatality
facts 2017 [155], side impacts accounted for 24% of passenger vehicle occupant deaths, next to
frontal crashes. Therefore, determining mechanical strength and stiffness becomes a crucial step
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in the development of ultra-lightweight door structures. A carbon fiber reinforced thermoplastic
composite door (CFRTPC) is developed for an OEM’s mid-size SUV, that enables 42.5% weight
reduction. Several novel composite door assembly designs are developed by using an integrated design, analysis and optimization approach. A design optimization is performed to satisfy static load
case requirements which represent daily use and misuse. The crashworthiness of door assembly is
assessed by considering three non-linear load cases: (a) quasi-static pole test (FMVSS 214S) (b)
full pole test (FMVSS 214) and (c) moving deformable barrier test (IIHS SI MDB).

5.2
5.2.1

Design Requirements
Static Load Cases
The static load case requirements represent the daily use and misuse loads on the door

structure as shown in Figure 5.1. To obtain the requirements, the static loads are first imposed on
the baseline door and deformation is obtained which is then set as benchmark for the composite
door design. The static load case are:
(a) Door sag (DS): This load case simulates the amount of deflection that occurs at the bottomrear of door when a load of 588 N is applied at the door latch in downward z-direction while
the door is constrained at hinges (see Figure 5.1(a)).
(b) Sash rigidity (SR): The SR load case simulates the amount of deflection that occurs when a
force of 98 N is applied to the upper sash. SR load case is observed at two locations (A and
B) as shown in Figure 5.1(b).
(c) Door over opening: The door is rigidly constrained at the mounting points of hinges. A force
of 100 N is applied in transverse direction at the lock. This force application point is not
constrained. The resulting displacement at the point of load application should be less than
the baseline steel door value.
(d) Beltline stiffness: All degrees of freedom are constrained, except for the rotation around the
hinge axis. Two facing forces of 98 N each are applied in the transverse direction on door
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belt line at the center of window opening. The lock is constrained in transverse and vertical
directions in order to suppress a global rotation of the door around the hinge axis and sagging.
This load case requires a displacement less than baseline door both for inner and outer panels
at the loading point.
(e) Mirror mount rigidity: All degrees of freedom at the hinges and DOF 2-3 at the latch are
constrained. Two 98 N loads, which are parallel to the skin surface and sash surface, are
applied as shown in Figure 5.1(e).
(f) Speaker mount rigidity: Three 33 N forces are applied on the speaker mount, as shown in
Figure 5.1(f), while constraining all degrees of freedom at latch and hinge mounts. The
maximum displacement at loading points should be less than that of baseline door.
(g) Window regulator stiffness: A transverse load of 50 N at window regulator mount is applied
and deflection is observed at the loading point, which should be less than the baseline door
value. All degrees of freedom at latch and hinge mounts are constrained.

5.2.2

Dynamic Load Cases
In order to evaluate the crashworthiness of ultra-lightweight composite (ULWC) door, three

non-linear load cases are simulated. These load cases are in accordance with side impact crash
regulations defined by the National Highway Traffic Safety Administration (NHTSA) [156] and the
Insurance Institute for Highway Safety (IIHS) [157]. The three dynamic load cases presented in
Figure 5.2 are defined as follows:
(a) FMVSS 214S: A side impact quasi-static pole (QSP) test is conducted shown in Figure 5.2(a),
where a cylindrical barrier is used to deform the door for 18 inches under quasi-static loading
condition.
(b) FMVSS 214 rigid pole: A side impact is simulated, where the vehicle is rammed into a rigid
pole at 32 kmph at 75 degrees as shown in Figure 5.2(b).
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Figure 5.1: Static load cases: (a) Door sag, (b) Sash rigidity, (c) Over opening, (d) Beltline stiffness,
(e) Mirror mount rigidity, (f) Speaker mount rigidity and (g) Window regulator mount rigidity
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(c) IIHS Side Impact moving deformable barrier: A side collision between two vehicles is simulated by impacting a moving deformable barrier with a stationary vehicle at 50 kmph. The
impact angle is 90 degrees and total impactor mass is 1500 kg. The test schematic is shown
in Figure 5.2(c).

5.3

Baseline Door Overview
The baseline steel driver side door of OEM’s mid-size SUV is selected for the light-weighting

purpose. The baseline steel door represents the state-of-the-art in terms of light-weighting and performance for conventional steel frame behind the glass architecture. To better understand the design,
manufacturing and assembly of baseline door, a benchmarking study is performed by fully disassembling the door to the last nut and bolt. Each of the door subsystems were then weighed to create
a detailed bill of materials. The door comprises 54 parts (excluding the fasteners) that are classified
as either rigid polymers, metals or elastomers as shown in Figure 5.3. The door frame is the heaviest
component of entire door assembly, contributing ≈49% of total mass, while the trim, electronics and
windows contribute another 31%. Metals constitute a majority of the total mass (≈62%), wherein
the door frame consists of regular cold drawn steel and high strength steel.

5.4
5.4.1

Development of Design Concepts
Material Selection
Broadly, thermoset composites have dominated the automotive industry compared to their

thermoplastic counterparts due to their lower raw material cost, as well as easier handling and forming. However, the advantages of using thermoplastics include shorter and more consistent cycle
times as well as the potential to more easily achieve post-life recycling [158]. Several material systems for carbon fiber thermoplastics used in automotive structures were evaluated. A preliminary
material screening strategy was used for all materials sourced in this effort, in order to select the
promising candidate systems for detailed assessment and material card development for design and
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(a)

(b)

(c)
Figure 5.2: Dynamic load cases representing different side impact crash tests (a) FMVSS 214S
quasi static pole test (b) FMVSS 214 rigid pole test and (c) IIHS SI moving deformable barrier test.
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Figure 5.3: BMass distribution of baseline door by material
analysis codes. The strategy centered around the measurement of three key mechanical properties is:
(a) 0-degree tension for translation of fiber properties, (b) 90-degree tension for processed laminate
quality and sizing or fiber-matrix adhesion, and (c) ±45 in tension for in-plane shear and ductility assessment. Driven by the challenging weight reduction target, a standard modulus carbon fiber
with both unidirectional (UD) prepreg and woven mats is selected as the primary material of interest.
The testing and characterization of UD tapes is done for different materials, such as AS4/Nylon-6
(Tencate), AS4/PPS (Barrrday) and AS4/PEI (Tencate), which encompass a wide range of cost (low
to high) and performance (low to high) in commercially available carbon fiber thermoplastic systems. Material cards (MAT8) for finite element solver Optistruct are first developed to access static
performance. Based on its cost and performance, AS4/Nylon-6 was finally selected. Further, woven
carbon fiber Nylon-66 panels were sourced from Lanxess with the trade name TEPEX. TEPEX is a
nominal 51% fiber volume fraction Twill weave carbon fiber composite laminate with Nylon-66 as
the thermoplastic matrix. For this effort, TEPEX Dynalite 201-C200 grade was chosen and composite panels were provided by Lanxess for mechanical property testing. Several tensile, compressive,
shear and ASTM standard tests were performed at 0- and 90-degrees direction. MAT54 material
card for LSDyna was then generated to perform crash simulations.
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Figure 5.4: Strength and stiffness requirements obtained after static analysis on baseline steel door.

5.4.2

Concept Selection
A preliminary investigation was carried out, incorporating simple design optimization and

material substitution to achieve the targeted weight reduction of door. However, it was determined
that this process would not meet the performance requirements. Therefore, a systematic approach
was implemented which would allow a door design that satisfies requirements with the least number
of parts. An extensive part consolidation exercise was performed, which reduced the part count by
≈45%. An initial analysis was performed on baseline steel door using the static load cases which
suggested the load path in the door, thus implying the locations that need more material. These
identified regions on baseline door, as presented in Figure 5.4, were broadly categorized into three
domains based on stiffness and strength requirements. The most critical area is the hinge side of door
frame, a zone that is crucial in transmitting load from the door to BIW. Based on this information,
initial concepts were designed.
An iterative process of initial concept design, performance evaluation and concept refinement is carried out in six different phases, which is briefly summarized here. In phase 1, rough
computer aided design (CAD) models were developed to test initial hypotheses that commercially
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available fiber-reinforced thermoplastics can meet the project. In phase 2, these designs were further
refined to fit within the design envelope of baseline door frame, during which the design space for
certain structural members was found to be much smaller than previously anticipated. The packaging restrictions created by other door components (i.e. window regulator, window glass, weather
sealing and other mechanical components) were the cause of this smaller space. Using the data
from phase 2, seven unique door concepts were developed during phase 3. Additionally, phase 3
entailed a deeper understanding that analyzes the current door geometry and sealing planes. Phase
4 involved the development of three distinct designs that encompassed the design ethos of the seven
concepts; these were then modelled using computer aided design and were found to be compatible
with current door sealing planes, class A surfaces, and within the current door envelope. These
designs were subsequently evaluated based on their performance in FEA simulation, lightweight
potential, anticipated cost, and ease of manufacturing. Concept 2 involved the entire structural part
of door frame as a single component. Although manufacturing was quite complex, the quality, ease
of assembly, and time required for door assembly were all vastly improved. Concept 4 is a two-piece
structural design consisting of the door frame manufactured from a two-shell structure, which was
later bonded to form the door frame that is very similar to the baseline steel door design. Concept
7 is a space frame-inspired design, where the major structural loads are carried by a space frame
structure that consists of an open hat section around the periphery of door frame. A brief summary
of the selected three designs, namely Concept 2, Concept 4 and Concept 7, are presented in Table
5.1.
Although Concept 4 had a relatively simpler manufacturing, and the semi-structural trim
provided an additional in-plane stiffness to the inner panel, it was rejected for further investigation
due to high number of lazy parts, high estimated cost and low lightweight potential. The two most
promising concepts (Concepts 2 and 7) were selected using finite element analysis. Each of these
two concepts underwent further refinement during phase 5, as shown in Figure 5.5. During this
phase, composite optimization was carried out to obtain the minimum weight for each concept,
while satisfying all load cases. In addition, geometric detailing and fit with other door subsystems
was given priority.
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Table 5.1: Overview of three down selected concepts of ULWC door
Concept
No. of structural parts
Exterior class A
panel
Interior trim
Core manufacturing technologies
Parts consolidation potential
Ease of assembly

Concept2
1

Concept4
2

Concept7
1

Removale nonstructural
Integrated into
frame
Thermoforming
with
overmolded LFT
Very high

Fixed structural

Removable
non-structural
Non-structural

Very easy

Semi-structural
Thermoforming

Medium
Similar to baseline

(a)

Injection molding with thermoforming
Low
Easy

(b)

Figure 5.5: (a) Concept 2 and (b) Concept 7 phase refinement.
In the final phase 6, both designs were evaluated and multiple convergence points of both
concepts to the same fundamental load-bearing design was observed. A unified design, presuming
Concept 2 as the key architype, was developed by adding key findings from Concept 7, as presented
in Figure 5.6 (a). The key structural components of the final design include an inner panel (IP)
design with integrated trim, inner beltline stiffener (IBS) design with mounting interfaces for inner
components, an extruded aluminum outer panel stiffener (OPS) with a stamped handle mount, an
aluminum lower reinforcement plate, and ultra-high strength steel anti intrusion beam (AIB). It
is important to note here that the final design consists of a hybrid material system, and the two
thermoformed composite structural subsystems are IP and IBS. In addition, an injection molded
reinforcement is attached to outer class A panel to prevent oil-caning and improve stiffness for
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(a)

(b)

Figure 5.6: (a)Merged concept door structural final design (b) Class A panel design integrated with
injection molded reinforcement.
aerodynamic loads, as shown in Figure 5.6(b).

5.5

Computational Analysis and Optimization of the Merged Design
Concept

5.5.1

Draping Simulations
The strength of UD tapes and woven mats used to design the door structure depends pri-

marily on fiber orientation and thickness of plies. During tape layup and stacking up phase of these
thin plies into complex geometric shapes such as inner panel, fiber orientation may change. Moreover, ply layup on complex geometry can also cause either a tear or wrinkle in plies, which can
significantly reduce its strength. Thus, it becomes critical to identify correct fiber rotations and drapeable ply shapes in order to optimize for the maximum mechanical performance. A drape test was
conducted as a preliminary step using NX FiberSim software.
To setup the drape model for UD tapes, quasi-isotropic layup [0 90 +45 -45]s is created
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(a)

(b)

Figure 5.7: (a) Rosette definition for sash section and (b) Stair-case pattern for adjacent ply overlap
compared with routine pattern.
with an initial shape of inner panel. A laminate is created by setting up a rosette which represents
the start point and mapping direction of fibers on a surface. For instance, Figure 5.7(a) illustrates
a rosette defined for a section of sash with origin point and the curve representing the direction
of mapping on layup surface. Individual plies forming a laminate are then created based on the
rosette definitions. From the preliminary runs, it was observed that a single sheet of UD ply cannot
be draped over the surface or inner panel or inner beltline stiffeners as it may cause excessive
tear. Therefore, several adjacent ply shapes with quasi-isotropic layup are defined to cover the total
surface of these components. These shapes are then arranged to overlap at a junction of adjacent
plies, where overlaps are necessary to maintain material continuity and avoid voids. In order to
minimize the thickness concentration of the overlapped region, a stair-case patterned overlap is
adopted which is presented in Figure 5.7(b).
Several drape simulations are conducted to attain drapability of a specific ply over the respective geometric feature along with deformation of fibers, if any. For UD tapes, two types of
failures may occur, namely, tearing and folding. Tearing occurs when the UD fibers stretch beyond
the fiber elastic limit and folding is caused due to the overlapping of fibers in complex contours.
Based on the drapability test, in case of UD plies, a total of 18 different ply shapes are obtained for
IP and nine ply shapes for BS, which are presented in Figure 5.8(a). A similar drape test is also
carried out for woven mats with a quasi-isotropic layup [0/90 +45/-45]s for the IP geometry. The
woven mats are defined only for the bottom part of IP, excluding the sash region. Due to their high
drapeability, a total of three different woven ply shapes are obtained for inner panel and four shapes
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(a)

(b)

Figure 5.8: Initial ply shapes obtained from drape test of (a) UD plies and (b) Woven plies. Each
colored region represents the unique ply shape obtained from drape tests
for inner beltline stiffener, which are presented in Figure 5.8(b).
It is to be noted here that the initial width of ply also affects drapeability, and among the
various commercially available UD and woven ply types, the one with the maximum width is chosen
in Fibersim for drape analysis. The UD ply with width of 24 inches and woven ply with width of 54
inches was chosen here. In addition, the material limit angle needs to be defined, which essentially
specifies the angle past which the material will wrinkle when deformed. In general, it is best to set
the limit angle conservatively to guarantee that the part will be manufacturable, and thus the default
limit angle values are assumed to be 6 degrees for UD and 30 degrees for woven plies.

5.5.2
5.5.2.1

Finite element analysis
Static optimization model setup
The FE linear static problem can be defined in matrix form using discretization as:

Ku = Fext

(5.1)

where, K represents stiffness matrix, u represents displacement vector and Fext denotes external
force vector. For each static load case discussed earlier, the global stiffness matrix for structure remains constant while varied external force and boundary conditions are applied, and displacement
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response is obtained. The linear static FE analysis can be simultaneously performed for all load
cases, and an optimization problem can be now setup to obtain the maximum stiffness-to-weight ratio. Optimization is carried out in a commercial FE solver package by Altair. The initial ply shapes
obtained from draping analysis are carried over to setup a design optimization problem. The optimization problem is defined to minimize the total mass of composite components, while satisfying
the static load cases. As a result, a final optimal individual ply thickness and shape is obtained. The
composite optimization is carried out in a three-step optimization process, which involves free-size,
size, and shuffle optimization steps. In free-size optimization, the total thickness of each of the finite
elements in a component is reduced from its initial value to a feasible value satisfying the load cases
and manufacturing constraints. In the second step, size optimization is performed to assign discrete
values to each ply in the component. The final step, shuffle optimization, is used to optimize the
stacking sequence of plies in laminates. Two different types of constraints were applied, namely,
displacement constraints which depend upon the load case requirements, and thickness constraints
which depend on minimum manufacturable thickness of plies. It is to be noted that the Body in
White (BIW) component is eliminated in optimization runs to ensure a higher computational efficiency.
Although, the effect of BIW deformation is incorporated by adjusting the requirements by
considering BIW deformation at the hinges, the optimization problem can be defined as follows.
Objective function:

min.

n
X

!
Wi

where i = 1, 2, ..., n

(5.2)

i=1

Constraints:
ui < uri

where i = 1, 2, ..., k

tmf r < ti < tinitial

where i = 1, 2, ..., n

125

(5.3)

(5.4)

tply < j ∗ tmin
ply

where j > 0

(5.5)

where, n is the total number of door subcomponents; k represents the total number of static load
cases; Wi represents the weight of ith subcomponent; ui is displacement response for ith load
case; uri is the required displacement response for ith load case; tmf r is minimum manufacturable
thickness; ti is the total thickness of subcomponent i; and tinitial is initial input thickness. In
addition, a minimum ply thickness constraint is defined with tmin
ply = 0.15mm.
To setup the FE model, a ply-based approach is used where an individual ply is defined
with an initial thickness and shape. These plies are then stacked up within a laminate. Since there
are two composite components in door structure, i.e. inner panel and inner beltline stiffener, two
separate laminate material cards are defined. Composite material properties are modeled using an
orthotropic material card (MAT 8 in Optistruct). MAT 8 incorporates material properties, such as
the modulus of elasticity (E1 and E2 ) and shear modulus (G12 ), along with allowable stresses and
strains before failure. The material properties are presented in Table 5.2. The stacking sequence
is illustrated in Figure 5.9(a), where the bottom layer comprises of woven plies, on top of which
UD plies are stacked in the quasi-isotropic way. A crucial step in defining composite plies is to
define material orientation for shell elements to establish the references for ply angles which define
the direction of E1 and E2 . The material orientation for a section of IP is presented in Figure
5.9(b), with arrows indicating fiber orientation for each element. It is important to note here that the
thickness and shape of only UD plies are defined as design variables for the optimization problem,
while a constant thickness of 1mm is given to woven plies.
Table 5.2: Material properties for composites for static analysis.
Material: AS4/Nylon UD
E1 (GP a)
100.4
Material: AS4/Nylon Woven
E1 (GP a)
59

E2 (GP a)
4.8

ν12
0.34

G12 (GP a)
1.45

ρ(kg/m3 )
1447

E2 (GP a)
59

ν12
0.34

G12 (GP a)
1.59

ρ(kg/m3 )
1462

The static optimization FE model consists of approximately 140,000 shell elements to set up
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(a)

(b)

(c)

(d)

Figure 5.9: (a) Stack up sequence of UD and Woven plies for static optimization. (b) Material
orientation for composites in Optistruct(c) A schematic representation of adhesive contact setup for
static analysis and (d) FE model showing adhesive layer joining IP and IBS using RBE3 connections
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all the structural parts of door, which is defined using PSHELL card in Optistruct. Further, joining
between parts is modeled by solid adhesive elements using PSOLID property. These adhesives
are connected to surface nodes using RBE3 elements. RBE3 elements have single dependent and
multiple independent nodes, where the motion at the ‘dependent’ node is a weighted average of
the motion at ‘independent’ nodes. These elements are essentially used to transfer load without
incurring additional stiffness to the system. The adhesive model setup, which is illustrated in Figure
5.9(c),(d), is used to connect IP and IBS, IP and lower reinforcement plate and IP with AIB brackets.
Since linear static analysis is predominantly a stiffness-based problem, therefore, a linear elastic
material model (MAT 1 in Optistruct) is defined for adhesive elements as well as other metallic
door components. While no failure criteria is defined for adhesives during static analysis, a more
detailed adhesive failure model for dynamic load cases is presented in subsequent section. The steel
AIB is MIG-welded to brackets which are modeled using FREEZE-type contact. The steel brackets
and aluminum OPS is connected to composite panel through bolted connections at hinges and latch
locations. The bolted connections are modeled using rigid RBE2 elements.

5.5.2.2

Dynamic model setup
Dynamic load case simulations are carried out using explicit FE technique, which solves a

set of nonlinear partial differential equations of motion in space-time domain, coupled with material
constitutive relations over a specific boundary condition. The non-linear equation of motion is
typically obtained from the principle of virtual work and incorporates internal force, inertia force,
damping force and contact force. The matrix form of this equation can be obtained using FEM
discretization, which is a second order nonlinear differential equation as follows:

Mü + Cu̇ + Ku = Fext (t)

(5.6)

where, M is mass matrix, C is damping matrix, K is stiffness matrix, u represents the displacement
vector, and Fext (t) represents the time-dependent external forces vector. Nonlinearity exists due to
the presence of contact, geometric and material non-linearities. The side impact crash simulations
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(a)

(b)

Figure 5.10: Inner panel (IP) and inner beltline stiffener (IBS) realized as part composite for dynamic simulations. Each colored zone represents a part composite which embodies a unique set of
stack up order of composite laminate.
are carried out in LS-Dyna explicit FE solver. The optimized FE composite door model is first
realized into part composite and then carried over to LS-Dyna input deck, where it is assembled
with BIW. Figure 13 shows the realized inner panel and beltline stiffener, where each colored zone
represents a part composite that embodies a unique set of stack up order of composite laminate.
This zonal representation is primarily driven by orientation, thickness and number of plies.
The composite door design involves adhesives as the primary joining strategy for various
structural sub-components. There are several ways to model adhesives in LS Dyna. The concept of
solid cohesive elements is utilized in current design, which act like springs in through-thickness direction and does not affect the run time of simulation. The *CONTACT TIED EDGE TO SURFACE
type contact definition with cohesive elements is implemented as modeling strategy for adhesives,
for which there is no coupling between the transmitted forces and moments, and thus equilibrium is
not enforced. A schematic is shown in Figure 5.11 to illustrate this. To model adhesives, *MAT COHESIVE MIXED MODE material model is used, which follows purely elastic behavior and bilinear
traction separation failure law with quadratic mixed mode delamination criterion and a damage formulation [148]. Material model parameters are presented in Table 5.3. The ultimate mixed-mode
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Figure 5.11: Adhesive modeling in LS Dyna using cohesive elements.
displacement at failure is given by power law as [147, 159]:
2(1 + β 2 )
δ =
δ0
F



KN
Gk

n


+

KT β 2
GIk

n −1/n
(5.7)

where, n is mixed-mode criteria exponent, KN and KT are normal and in-plane stiffness for cohesive element respectively, and GIc and GIIc are the energy release rate for mode I (peel mode)
and mode II (shear mode) respectively. The initial separation in normal direction is given as
0 = S/K , where T and S represents peak traction
δI0 = T /KN and in tangential direction δII
T

in normal and tangential direction respectively. The “mode-mixity” is the ratio of mode II and
mode I separations, which is given as β = δII /δI . The mixed mode damage initiation displacement
δ 0 (onset of softening) is given as [147]:
s
0
δ 0 = δI0 δII

1 + β2
0 )2 + (βδ 0 )2
(δII
I

(5.8)

Table 5.3: Material properties for adhesive.
Symbol
KN
KT
GIc
GIIc
n
T
S
ρ

Description
Stiffness normal
Stiffness tangential
Energy release rate (mode I)
Energy release rate (mode II)
Mixed-mode exponent
Peak normal traction
Peak tangential traction
density

Value(units)
10.08 (MPa/mm)
5.45 (MPa/mm)
6.9 (MPa-mm)
22.56 (MPa-mm)
2.3
11.5 (MPa)
13.6 (MPa)
1000 (kg/m3 )

The fully assembled FE model setup is presented for the three non-linear load cases: FMVSS
214S in Figure 5.12 and FMVSS214 (rigid pole) and IIHS SI MDB in Figure 5.13. For the quasi130

Figure 5.12: Finite element model setup for FMVSS 214S quasi-static pole test.
static pole test (QSP) setup (as seen in Figure 5.12), the ULWC door is assembled only to a part of
BIW frame that is between A- and B-pillar on the driver side. The edges of BIW frame are kept
fixed in all degrees of freedom. The QSP test is set up by prescribing constant velocity of 1 m/s for
a total time of 0.45s. The stiffness-based hourglass control for shell elements is defined with hourglass coefficient QH = 0.05, which generates hourglass forces proportional to the components of
nodal displacement contributing to hourglass modes [160]. For the other two crash tests, a full body
vehicle is assembled with driver side ULWC door. The rigid pole test setup consists of a hybrid
III 5th percentile female crash dummy for positioning the vehicle, since it is the most challenging
crash mode. The FE model for rigid pole test which is presented in Figure 5.13 (top) has a total
simulation run time of 0.15s. The rigid pole impactor weighs 15.45kg. The moving deformable
barrier test setup is presented in part of Figure 5.13 (bottom), which has a total simulation run time
of 0.2s. FE details for all load cases are presented in Table 5.4. A global hourglass control is applied
for both the rigid pole test and moving deformable barrier test with QH = 0.1.
Table 5.4: FE model statistics
Load case
FMVSS 214S
FMVSS 214
IIHS SI MDB

Shell elements
411325
6163104
5348205

Solid elements
15935
3442671
1719156
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Beam elements
927
20951
20310

Simulation run time
0.45s
0.15s
0.20s

(a)

(b)

Figure 5.13: Finite element model setup of full vehicle assembled with ULWC driver side door for
(a) FMVSS 214 rigid pole and (b) IIHS SI deformable barrier test.

5.6
5.6.1

Results and Discussion
Static optimization and performance
The design obtained from initial optimization under linear static load cases is presented

in Figure 5.14(a). The weight of IP is 2.6kg with thickness varying between 1.1mm and 3.4mm,
and the IBS weighs 0.475kg with thickness varying between 0.5 and 4.8mm. Since composite
optimization is carried out only for static load cases, it still needs to be refined for dynamic load
cases. Besides, some of the ply shapes obtained after optimization had a very small surface area,
which if manufactured can increase the overall cost of door. In order to resolve these issues, first, a
quasi-static pole (QSP) test is carried out on the presented optimized design. Subsequently, regions
that were failing early in the test were identified and thickness was manually increased, and tests
were repeated. Further, the plies with smaller surface area were identified and reshaped so that they
can be manufactured in a more cost-efficient way. After a few iterations, the final design is achieved
for the two versions which satisfied both linear and non-linear load cases. Although the manual
inspection of shape of each ply is laborious, it becomes a critical step in designing a more feasible
component from the manufacturing and cost point of view.
The thickness distribution of final design that satisfied both static and dynamic load cases
is presented in Figure 5.14(b). The weight of IP was obtained as 3.57 kg and that of BS as 0.61kg.
The minimum thickness of inner panel was 1.2 mm, while the maximum thickness was 3.4 mm
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(a)

(b)

Figure 5.14: Thickness distribution plot obtained after (a) static optimization and (b) dynamic load
optimization
in some parts of sash region. The minimum thickness of IBS was 0.6 mm, while the maximum
thickness was 4.8 mm in the mirror mount region. In order to satisfy the sash A and B load cases,
and constrain the maximum thickness (for ease of manufacturability), 1.2 mm steel ribs were placed
in the sash region at 10 locations, which weigh 0.2 kg.
The Von-Mises stress distribution under all listed static load cases is overlaid together and
presented in Figure 5.15. The maximum stress was obtained for door over opening load case, which
is 137.9 MPa near hinges. The static performance of final design is evaluated and presented in
Table 5.5. The first target category listed is structural frame mass. The composite door structural
weight was obtained as 43% lower than the baseline model structural weight. The displacement
target for frame-related load cases is based on the baseline door. In the last column, the relative
percentage of composite result with baseline target is presented. For instance, under door sag load
case composite door displacement is 68% lower than the target baseline displacement. Similarly, for
all other load cases, composite door displacement values are observed to be lower than the baseline
door. However, the ULWC door design positively satisfies all the static load case requirements.

5.6.2

FMVSS 214S
The QSP test is evaluated by plotting the reaction force against pole displacement for each

design. The area under the curve of this plot gives the energy absorbed during pole impact. Figure
5.16 presents the force vs stroke plot comparing baseline door (black curve) and composite door
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(a)

(b)

Figure 5.15: Thickness distribution plot obtained after (a) static optimization and (b) dynamic load
optimization
Table 5.5: Static performance of door
Sr No Target category Subcase
% Reduction (∆/T arget)
1
Structural frame mass
43%
2
Door Sag - Fully open
68%
3
Sash Rigidity at point A
4%
4
Sash Rigidity at point B
35%
5
Beltline stiffness-Inner panel 63%
6
Window regulator (Normal) 6%
7
Mirror Mount rigidity in X
4%
8
Mirror Mount rigidity in y
68%
9
Door Over opening
6%
10
Speaker mount stiffness
3%
∆ - Difference between baseline response and composite response
(orange curve). On the Y-axis, normalized force is plotted to maintain confidentiality, while Xaxis represents the stroke length or displacement of the pole. The initial slope represents primary
stiffness at the point of impact, which is predominantly influenced by the anti-intrusion beam. Since
the same AIB component is used for both cases, it can be seen that initial stiffness for ULWC door is
almost similar to that for baseline door. For the baseline door, the two major drops in reaction force
are observed at about 180mm of stroke (AA) and at 350mm (BB). The first drop occurs when AIB
buckles due to the lateral load by impactor which then transmits to hinges, latch and inner frame.
This results in buckling and significant plastic deformation of inner frame, while simultaneously
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Figure 5.16: A normalized force vs pole stroke length plot for FMVSS 214S pole test displaying
results for composite door and baseline door along with average crush requirements.
absorbing impact energy. The second drop occurs at a much larger stroke length, at which point the
bottom part of inner frame attached to BIW undergoes significant buckling and a large displacement,
resulting in detachment from BIW. The impact resistance after BB is mostly influenced by beltline
region and upper sash rigidity. On the other hand, the response of ULWC door undergoes failure
at several locations while displaying a higher toughness throughout. After a similar initial stiffness
as baseline door, the stiffness for ULWC door increases significantly after 160mm as lateral load
is transferred to IP. At point A, first, tear is observed in bottom center region of IP panel. From A
to B, crack propagation occurs through mid-center, which is accompanied by buckling of bottom
section of IP attached to B-pillar. From B to C sash, the region starts buckling and twisting as
deformation progresses. The deformation continues till location D, at which point the IP splits in
half and impactor load is primarily taken care by OPS. There are three requirements for this test.
These are, initial average crush requirement for stroke < 6 inches (green dashed lines), and the
intermediate average crush requirement for stroke < 12 inches (blue dash). The third requirement
is average peak crush requirement for 18 inches of stroke length represented by gray dashed lines.
The average crush is calculated by area under the curve till the stroke length, and this represents the
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impact energy absorbed by the door. The solid orange curve represents the response of composite
door. The initial average crush for composite door is 22% higher to the actual OEM requirement.
The intermediate crush (till 12 inches) is 85% higher than the actual OEM requirement. The ULWC
door satisfies the maximum peak crush requirement (horizontal line in the plot) and is 133% higher
than OEM requirement. Further, if compared with the baseline door response (black curve), energy
absorbed by ULWC door is much higher.

5.6.3

FMVSS 214 and IIHS SI MDB
The dynamic simulations for deformable barrier and full pole load cases are then performed.

The performance of door is evaluated on the basis of key performance indicators. Further, a gauging
matrix is created to assess whether ULWC door passed the requirements or not. The gauging matrix
is defined as: (a) successful (green) if door response is better than baseline, (b) tolerable (yellow) if
response is lower than baseline but it is within 10% margin, and (c) failure (red) if response is below
10% from baseline door. The response of ULWC door under FMVSS 214 rigid pole and IIHS side
impact crash tests is presented in Table 5.6. Under the rigid pole crash test, the key performance
indicators are maximum intrusion at center pillar, sill, roof, window sill, dummy hip and door lower
intrusion. The response of ULWC door is evaluated and compared with the baseline door, which is
presented in Column 2 of Table 5.6. The green highlight shows that maximum intrusion is reduced
for ULWC door for all cases; however, at the center pillar, it is reduced by a close margin of 1%
which is still in the successful range.
Table 5.6: Dynamic performance of door
Key peformance indicators
Max center pillar intrusion
Max sill intrusion
Max roof intrusion
Max window sill intrusion
Front door dummy hip intrusion
Max door lower intrusion
Safety survival space

FMVSS 214
-1%
-11%
-11%
-5%
-10%
-7%
NA%

IIHS SI MDB
NA
NA
-11%
-11%
-18%
-1%
+2.46%

Under IIHS side impact moving deformable barrier crash test, the key performance indica136

Figure 5.17: Successive deformation of door during FMVSS 214 (Rigid pole) crash test at t = 0s
and t = 0.1s. External view (Left) and Internal view (right) showing impact at driver side door.
tors are maximum intrusion at roof, window sill, dummy hip and door lower intrusion. In addition,
the safety survival space left for driver after impact is also evaluated and compared. The ULWC
door successfully passes all the intrusion requirements (green highlight). The maximum reduction
in intrusion (18%) is obtained at the door dummy hip location, while the minimum reduction in intrusion (1%) is obtained at lower door location. The safety survival space for ULWC door is 2.46%
more than the baseline.
The progressive deformation of ULWC driver side door in fully assembled vehicle is presented for FMVSS 214 rigid pole test in Figure 5.17 at time t = 0s and t = 0.1s. It is observed
that the ULWC door has no major tear or crack propagation at center region of inner panel for this
test. A similar observation is made for IIHS SI moving deformable barrier test, sequential impact is
presented in Figure 5.18 for time t = 0s, t = 0.1s and t = 0.2s. It is observed that there is a slight
opening at center shown by arrow at t = 0.1s, however besides that there is no significant tear or
crack propagation in the center region of composite inner panel during impact.
The failure model and material parameters used to model composites in crash simulations
are validated by carrying out a subcomponent test using the same material model. A hat and spine
section bonded with adhesives is selected as subcomponent. A rigid impactor weighing 80kg with
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Figure 5.18: Successive deformation of door during IIHS SI (MDB) test at t = 0s; t = 0.1s and
t = 0.2s. External view (Left) and Internal view (right) showing impact at driver side door.
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(a)

(b)

Figure 5.19: Successive deformation of door during IIHS SI (MDB) test at t = 0s; t = 0.1s and
t = 0.2s. External view (Left) and Internal view (right) showing impact at driver side door.

Figure 5.20: Successive deformation of door during IIHS SI (MDB) test at t = 0s; t = 0.1s and
t = 0.2s. External view (Left) and Internal view (right) showing impact at driver side door.
an initial velocity of 2.8m/s and impact energy of 300J is simulated which is shown is Figure 5.19(a).
The hat and spine sections are fabricated (Figure 5.19(b)), and experimental testing is carried out
using a drop tower test as shown in Figure 5.20. The comparison between contact force from simulations and experiments showed agreeable results. It is observed that energy absorbed in simulations
is 20% lower than in experiments and a more refined composite material modeling strategy could
potentially reduce the weight of door further.
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Chapter 6

Conclusion and Suggestions for Future
Work
This chapter presents the conclusions of this dissertation. The research presented is focused
on multiscale modeling and performance analysis of fiber reinforced thermoplastic composites. The
following sections summarize the findings.

6.1

Micromechanical Modeling of Fiber Matrix Interface using Finite
Element Method
In Chapter 2, the concept of controlled mechanical interlocking through precise surface

topology modification is explored for an E-glass/PP interface under dynamic loading. The interfacial shear strength is investigated by performing numerical shear tests at various strain rates. A
parametric study is performed with various geometric configurations of the interface defined by
volume fraction, rod depth, and rod density. It is observed that the interfacial strength varies with
strain rate and the strength of an unbonded interface can reach as much as 70% of that obtained
from a perfectly bonded interface. At lower fiber volume fractions, such as Vf < 20%, the initial
shear stiffness of the interface increases with increase in strain rate. However, as the volume fraction increases, the strain rate effect on initial stiffness becomes negligible. Furthermore, the initial
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shear stiffness is largely independent of the rod depth and rod distance. In general, increasing the
rod depth, d/R, provides better anchoring. However, there is an optimal configuration at which the
interfacial strength reaches its maximum which is observed for all strain rates considered. In most
cases, high strain rates induce higher interfacial strength. However, for large rod distance, h/R, a
higher strength may be obtained at a lower strain rate. At all strain rates, the interfacial strength
curves show an increasing trend as the rod depth, d/R, increases. The failure mode changes from
detachment to fracture with increasing rod depth. Transition in failure mode is also observed when
strain rate changes. This transition zone depends on both strain rate and geometric configuration
parameters. For design optimization, graphic charts that can be used to visualize the variation of
the interfacial strength and its dependency on the loading conditions and geometric configuration
parameters are provided.

6.2

Continuum Level Modeling of Reinforced Thermoplastic Composites with Interface Mechanical Interlocking
A continuum level macroscopic material model is developed for a glass film reinforced

PP matrix composite. The model captures the effect of controlled micromechanical interlocking
through precise surface topology modification of the glass surface. The FE homogenization method
is implemented by applying PBC on the 2D plane strain RVE. First, a linear model is constructed
by obtaining the effective bulk modulus E11 , E22 and G12 at macroscopic scale. The analytical
expressions are derived to establish the relation between the interface design parameters d/R, h/R
and Vf and the effective moduli. It is observed that the impact of interface stiffness is significant on
the macroscopic transverse modulus E11 and transverse shear modulus G12 . Further, for a configuration with weak mechanical interlocking, G12 reaches almost 80% of the G12 of that of a perfectly
bonded interface.
Next, a non-linear macroscopic model is developed by implementing and calibrating the
anisotropic TNV model. The TNV model comprises of three networks and it is deduced that each
of the three networks independently represent the bulk polymer, interface layer and the glass film
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behavior. The material model parameters are calibrated by performing equibiaxial and shear tests
on several configurations of 2D microstructural RVE. The analytical model is then developed which
describes the relationship between the design parameters and the TNV model parameters. The
analytical expressions are selected based on the regression analysis with the lowest root mean square
error. The non-linear TNV model is validated for a cantilever beam under small and large load cases.
The micromechanical model of beam is constructed with rod like microfeatures and its response is
compared with the homogenous beam modeled with TNV material model. A good correlation is
obtained for both linear and non-linear load cases.

6.3

Manufacturing to Response Pathway
The MTR pathway is established in chapter 4 for a carbon fiber reinforced thermoplastic

composite hat structure. The pathway consists of six steps: (a) material characterization and modeling, (b) thermoforming simulation with experimental validation, (c) cooling simulation, (d) residual
stresses determination, (e) mapping of thermoforming effects such as fiber orientations, thickness
variations and residual stresses and (f) mechanical performance evaluation. The pathway meets
the critical requirements of integrating the design and manufacturing of lightweight thermoplastic
composite parts by directly linking the manufacturing process effects to the mechanical responses.
The thermoforming simulations and mechanical performance are experimentally validated by first
fabricating a 2mm thick composite hat structure using thermoforming process and then performing
a 3-point bend test. Appropriate apparatus is developed for holding the blank in place during forming and cooling the closed mold post forming ensuring repeatability and reliability. The change
in fiber orientations and thickness distribution is compared and numerical results were found to be
consistent with experimental observations. To validate the residual stresses owing to rapid cooling rate, a 3-point bend test is simulated under quasi-static loading conditions and compared with
experiments. The initial stiffness and peak crush force are consistent for both studies. Further,
the effects of the large variations in the thermoforming process induced factors such as residual
stresses, change in fiber orientations and thickness distribution are studied numerically. The static
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and dynamic performance is evaluated for different cases which are summarized as:
a) The change in thickness distribution may result in significant reduction in static stiffness of
the structure. The largest variation is observed under transverse compression load where
16% reduction is observed for T03 case. The impact performance also varies with thickness
variation and primarily affects the dynamic stiffness and strength of the structure.
b) The two cases of fiber orientations with large shear angle variations are studied which showed
significantly higher variations in the static and dynamic performance. The largest variation is
observed for longitudinal compression at maximum shear angle of 35 degrees. It is also observed that under mixed loading conditions there is an optimal fiber orientation configuration
that could give the maximum structural stiffness. The high shear angles D20 and D35 showed
18-36% increased dynamic stiffness under the studied impact load case with a much larger
rebound effect.
c) The effect of cooling rate is observed by determining the residual stresses at two different
cooling rates 5 and 50C/s. These stresses are then included in the mechanical performance
evaluation. Under the static loading largely, no significant change in stiffness of the structure
is observed with change in cooling rate, except, the longitudinal stiffness which is reduced
significantly upon increase in cooling rate. The dynamic performance under study deteriorated for the high cooling rate cases as early compressive failure is observed due to induced
compressive stresses.

6.4

Design of an Ultra-lightweight Thermoplastic Composite Door
In chapter 5, design study of an ultra-lightweight door for an OEM’s mid-size SUV is

presented. An integrated approach of design, analysis and optimization is implemented to obtain
the final design concept. The design successfully satisfies all the static and dynamic load case
requirements. A significant weight reduction of 43% is achieved for the structural part using the
conceptual design. In addition, results from drape simulations were incorporated in the design.

143

6.5

Publications

1. Kothari, A., Choi, H., Zhao, H., Joseph, P. and Li, G., ” Strain rate effects on interfacial
microarchitectural anchoring of reinforced thermoplastic composites” Polymer Composites,
2020
2. Kothari, A., Yerra, A., Limaye, M., Pradeep, S. et al., ”A Finite Element Design Study
and Performance Evaluation of an Ultra-Lightweight Carbon Fiber Reinforced Thermoplastic
Composites Vehicle Door Assembly,” SAE Technical Paper 2020-01-0203, 2020.
3. Mittal, A., Kothari, A., Pradeep, S., Savla, S. et al., ”Designing a Production-Ready UltraLightweight Carbon Fiber Reinforced Thermoplastic Composites Door,” SAE Technical Paper 2021-01-0365, 2021.
4. Limaye, M., Pradeep, S., Kothari, A., Savla S., et al., ” Thermoforming process induced structural performance of carbon fiber reinforced thermoplastic composite part through a novel
manufacturing to response pathway ” Composite B: Engineering, 2021 (Submitted).
5. Kothari, A., Ozsoy, I., Li, G.,”Continuum Constitutive Modeling of Reinforced Thermoplastic
Composites with Interface Mechanical Interlocking” Composite Structures, 2021 (Submitted)

144

Appendices

145

Appendix A

Experimental Results

High Temperature tensile and shear plots

(a)

(b)

Figure 1: (a) Experimental tensile load-displacement curves of PA6/Woven CF 0/900 orientation at
264C, (b) Experimental bias-extension load-displacement curves of PA6/Woven CF 450 orientation
at 264C
High Temperature tensile and shear plots

(a)

(b)

Figure 2: (a) Experimental tensile stress-strain curves of PA6/Woven CF 0/900 orientation at RT,
(b) Experimental compressive stress-strain curves 0/900 orientation at RT.
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(a)

(b)

Figure 3: (a) Experimental tensile shear stress-strain curves of PA6/Woven CF 450 orientation at
RT, (b) Experimental compressive shear stress-strain curves 450 orientation at RT.
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